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FOREWORD

Rocketdyne, a division of North American Rockwell Corporation,
has prepared this final report, which documents the work per-
formed in fulfillment of the program, '"Thermodynamic Improve-
ments in Liquid Hydrogen Turbopumps,'" during the period from
17 August 1968 to 16 November 1969. This program was sponsored
by the National Aeronautics and Space Administration, Marshall
Space Flight Center, Huntsville, Alabama, under Contract No.
NAS8-20324. The work was performed by the Advanced Turbo-
machinery unit of the Turbomachinery department; the Materials
and Processes unit of the Engineering Department; and the Heat
Transfer and Engine Analysis units of the Advanced Systems
department. Mr. T. W. Winstead, NASA-MSFC, Huntsville,

Alabama, was the Technical Project Manager for the program.

ABSTRACT

This report describes the completed effort in the evaluation
of thermal conditioning problems of liquid hydrogen turbo-
pumps to enhance mixed-phase operation and to minimize engine
system constraints on starts and restarts. The program con-
sists of the following three interrelated tasks: I: Reduced
Gravity Effects on Heat Transfer, II: Coated Feed Systems,
and IIT: Engine System Analyses.
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INTRODUCTION

The requirements of minimum chilldown, warm starts, rapid starts, reduced
tank pressurization (low tank NPSH), engine flexibility, and engine simpli-
fication (reduced cost) are being emphasized for advanced L02/LH2 rocket
engines. Various mission applications of cryogenic rocket stages require
multiple engine restarts in orbital coast. Present feed system components
require low-temperature preconditioning to enable the pump system to de-
velop sufficient head and flow for engine start. A complete understanding

of the preconditioning requirement of the LH, turbopump is of great import-

ance to the overall engine system start requirements. Simplified methods
of preconditioning LH2 turbopumps in space will significantly affect engine
system start time and engine system performance. When accurate hydrogen
requirements for preconditioning is known, loss of excessive fuel for pre-

chilling the engine in space can be avoided.

This report describes analtyical, experimental, and evaluation studies

conducted to investigate engine thermal conditioning problems and to de-
velop thermodynamic improvements of LH2 turbopumps to minimize, as much
as possible, system constraints on engine starts and restarts. Maximum
use was made of engine and turbopump data obtained from the J-2S Engine
and Saturn V Vehicle programs, from other experimental advanced engine

and current engine component programs, and from heat transfer and mixed-

phase hydrogen data obtained from associated research study programs.
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SUMMARY

The Thermodynamic Improvements in Liquid Hydrogen Turbopumps program was
divided into three related tasks: (1) to investigate turbopump chilldown
times under reduced gravity, (2) to establish the feasibility and effective-
ness of coated feed systems to enhance chilldown, and (3) to establish the

effect of improved criteria on engine start capabilities.

REDUCED GRAVITY EFFECTS ON HEAT TRANSFER

The effects of reduced gravity on LH, boiling heat transfer were analyzed

by using various dimensionless paramiters (Re, Nu, Pr, Gr, St, etc.) to
determine the predominant forces affecting turbopump chilldown under space
conditions. Both dimensional analysis and experimental data were used.
The nucleate boiling regime was found to be relatively insensitive to
gravity; however, the heat transfer coefficients in the transition and
film boiling regime are reduced by as much as a factor of 4 under near-

zero gravity.

COATED FEED SYSTEMS

Analytical and experimental studies indicate that a thin layer of low
thermal conductivity material applied to a metal surface will produce
rapid surface chill. Thus, both quick chilldown time and minimum hydro-
gen requirements for chilldown will be obtained. Coating material compo-
sition, processing, and application techniques were developed for both
conventionally applied polymeric materials and plasma-sprayed epoxy resin,

and applied to the titanium inlet duct of the J-28 Mark 29 LH,-turbopump.

Kel-F coating was applied to both the inducer nosepiece fairiig and in-
ducer. The Kel-F coating on the inducer nosepiece, operating at 475 ft/sec
surface velocity, accumulated a total test time of 2586 seconds in

13 LH, turbopump tests, which included hot firing, deep-cavitation starts,
over-speed and stecady-state operations, and was found to be in excellent

condition.




ENGINE SYSTEM ANALYSIS

An analysis of two-phase flow in hydrogen pumps was made to determine de-
sign criteria for increasing the allowable vapor capacity of the pump.
Performance analyses were correlated with experimental data showing that
a maximum vapor volume fraction of 55 percent is obtainable with small

head loss.

Engine start analyses using coated feed systems and two-phase flow cap-
ability indicate significant potential system gains can be obtained by re-
ducing chilldown flow loss by 35 to 80 percent. This results in reducing
engine start time, eliminates ullage and recirculation system weights and
complexities, and increases payload for the current S-IVB stage and the
proposed Space Shuttle orbiter stage. These analyses were also used to
assess the AS-504 third start data, and to develop engine start criteria

for possible failure of S-IVB fuel recirculation systems.



CONCLUSIONS

The results of studies conducted indicate that: (1) reduced gravity will
not affect nucleate boiling but will reduce the heat transfer coefficients
by a factor of 4 (compared with 1 g gravity) in the transition and film
boiling regimes of pool boiling in hydrogen; (2) higher vapor pumping capac-
ity LH2 pumps for zero tank NPSH can be obtained by designing the inducer
for higher incidence-to-blade angle ratio, minimum blade blockage, and
maximum inlet annulus flow area, and maximum vapor volume fractions from
two to three times greater than present pumps are obtainable; (3) a thin
thermal insulation coating of optimum thickness will reduce the chilldown
time of the pump and reduce the heat rejection rate from the warm pump to
the cold hydrogen; (4) initial success was obtained in developing material
composition and application technique for bonding polymeric and epoxy resin
coatings to aluminum and titanium materials, and a Kel-F-coated, titanium
inducer nose-fairing piece has undergone 2586 seconds of'LH2 turbopump
testing rotating at 475 ft/sec with complete success. Further development
and testing will be required to define the life characteristic of coating,
coating thickness, and limitations of complex shapes to which it can be

applied.

"An engine chilldown and start analysis was made to indicate the potential
gains that will be obtained in the overall vehicle and engine system by
using the above thermodynamic improvements, such as higher vapor fractions
and coatings, that have been developed for hydrogen turbopumps. The J-2
type engines in the Saturn V and Space Shuttle launch vehicles are used

for illustrating the potential system gains.

1. Analyses of the S-IVB stage indicate potential reductions in
chilldown fuel flow of up to 80 percent, equivalent to approxi-
mately 115 pounds of LH, per chilldown, and payload increases
approaching 2 percent. Elimination of the recirculation system
on the S-TVB by using idle mode operation during chilldown elim-
inates the need for solid-propellant ullage rockets (230 pounds).
If a tank head start is used there is no need for auxiliary tur-

bine power such as the start bottle on the J-2 (150 pounds) or




solid-propellant turbine spinners used on the J-2S (which add

115 pounds per engine start). Reduced NPSH requirements allow
lower tank pressures and reduced stage weights. The above thermo-
dynamic improvements are most significant on advanced applications,
such as the Space Shuttle vehicle, requiring several altitude
starts, extended engine life, and reusability. 1In addition to

the lower chilldown flow requirements, other improvements are in
stage weight reductions, stage simplifications, and reduced main-

tenance between flights.

Although these studies have centered on LH2 pumps and feed sys-
tems, the technology developed is applicable to oxidizer feed sys-

tems as well. The LO, system on the S-IVB, for example, is mnot

2
as critical with regard to chilldown as the LH, side because of

2
the higher operating temperatures and the shorter duct length;
however, due to the higher LO2 flowrate and lower specific heat,
it is estimated that system improvements could result in chill-

down flow reductions similar to those realized on the fuel side.

Individual thermal improvement methods are described in Table 1
based on a single start. Up to 10 starts are planned for many
engines and would magnify the reduction in chilldown losses. The
effect of the vapor pumping capability of the pump on chilldown
flow and time requirements has been analyzed for a range of ini-
tial feed system temperatures. With a warm feed system (400 R),
an increase in allowable vapor fraction from 20 to 45 percent
results in a saving of 52 pounds (37 percent) of fuel each time
the system is chilled, as shown in Table 1. A further increase
to 55 percent saves 64 pounds (45 percent). The chilldown time
reductions corresponding to the above weight are 2.5 and 3.5 sec-
onds, respectively. The increase in allowable vapor fraction
will also allow reductions in stage weight due to lower tank pres-

sure requirements and elimination of the recirculation system.

With inlet duct and pump surfaces coated, a further reduction in
chilldown flow to approximately 37 pounds (74 percent) is achieved
for an allowable vapor fraction of 55 percent. A potential re-

duction in start time and less variation in engine mixture ratio
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in early phases of the engine start are also obtained. Minimiz-
ing the number of system variables will greatly simplify the en-
gine control systems. The analytical results obtained on the
relative chilldown rates of titanium, K-monel, and Tens-50 alu-
minum, were used to estimate the chilldown flow reduction with

Kel-F coating applied to the duct and pump wetted surfaces.

Some degree of thermal protection will be required on any LH2 feed
system; however, a detailed analysis is necessary to arrive at

an optimum configuration for a given application. For purposes

of illustration, if the heat input were reduced to limit the feed
system temperature to 100 R, the chilldown flow would be 36 pounds
less than with a 400 R feed system. The thermal protection would
increase the weight of the system slightly. A further reduction

in heat input, sufficient to prevent the vapor fraction of the
residual propellant from exceeding the vapor pumping capability

of the pump, would allow the use of the residual hydrogen and there

would be no loss due to chilldown.

On advanced engines where weight, complexity, and maintenance re-
quirements are important, the use of axuiliary turbine spinners
does not appear applicable for high-flowrate, topping-cycle en-
gines because of the high turbine power requirements. Similarly,
the recirculation system used on the S-IVB is not particularly
desirable. A meaningful comparison, would be between the propel-
lant dump method of chilldown and idle-mode operation during chill-
down. Since the chilldown propellants provide thrust, the loss
during idle mode is due to the lower specific impulse. Assuming

a 400 R feed system and an allowable vapor fraction of 55 percent,
the idle-mode operation has the effect of saving an additional

52 pounds of fuel per start. Additional savings would result from
the elimination of the ullage system. (This would amount to some
230 pounds on the S-IVB stage. Also a tapoff cycle engine such

as the J-25, engine start time is reduced by use of a solid-

propellant turbine spinner; however, engine weight is increased.)




Some of the combined effects of thermodynamic improvement tech-
niques can be seen in the summary of results in Table 1. The
effect of missions requiring more than one altitude start is
shown in Fig. 1. For selected cases, payload increases were
estimated for fuel and oxidizer chilldown flow reductions of 116
pounds (83 percent) per engine start and a mission requiring 10
engine altitude starts each commencing with a warm feed system.
Two specific vehicle stages were considered, the current S-IVB
and the proposed Space Shuttle orbiter. Estimated payload in-
creases were 1810 and 2290 pounds or 1.7 and 5.7 percent increase,
respectively. Hardware weight reduction due to elimination of
recirculation systems, ullage systems, and start power system

will contribute as much as 610 pounds further increase in payload.

Most of the analyses performed have dealt with altitude starts.
The enhancement of sea level start characteristics would also
prove beneficial by reducing the ground equipment and operations
necessary to prepare the vehicle for static testing and for flight
takeoff. This would be especially desirable for vehicles designed
to fly from multiple land bases, where service operations should

be minimized.
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Figure 1. Hydrogen Chilldown Flow Reductions Obtainable With Two-Phase
Flow Pumping Capability and With Coatings
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I REDUCED GRAVITY EFFECTS ON HEAT TRANSFER

In this task, analytical studies of the reduced gravity effects on heat
transfer were performed. To assist in determining the importance of
gravity, the heat flux correlations have been reduced to nondimensional
form. This was done by analyzing the various dimensionless ratios that
were formed from common forces occurring in fluid systems. For pool boil-

ing of saturated LHZ’ the following results were found:

1. For nucleate boiling, both analysis and test indicate that the
relation between temperature difference (Tw - Tsat) and wall heat

flux is insensitive to gravity.

2. The peak nucleate boiling heat flux is predicted to vary as g1/4.

This agrees with experimental data for LN2.

3. The value of (AT ) is found to vary as g1/4 based on LN, data.
sat-max 2

4. The minimum heat flux value where transition boiling changes to

film boiling depends on g1/4.

The wall heat flux during forced convection saturated boiling, is assumed
to be the sum of a constant forced convection term and the appropriate
pool boiling function. It should be noted that the above conclusions are

applicable to reductions in gravity from standard earth gravity, only.
POOL BOILING

In the determination of reduced gravity effects on heat transfer, the
initial step was to define the regions of pool boiling and free and forced
convection. Figure 2 1illustrates the pool boiling curve for LH2 at 1
atmosphere and 1 g. The bracketed regions in the nucleate and film boil-
ing regions pertain to the available experimental data, as reported in
Ref. 1. A wide variation in heat flux versus AT is noted in the nucleate
boiling regime. This spread in experimental data is attributed primarily

to effects of surface condition, and surface geometry and orientation.
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The task of choosing an analytical function to correlate the data is clearly
difficult, and it is hoped that the predictions will fall within the spread
of data. For the present study, a prediction was made utilizing a corre-

lation by Rohsenow (Ref. 2):

C (AT) 1/2 0.33 C u 1.7

p g 0 P
L PRI [ e ] L o

A A fglog - py)

A value of 0.015 for C was assumed and the properties of hydrogen (at sat-
urated vapor conditions and 1 atmosphere) were taken from Ref. 1. The
results obtained with this relationship are shown as a solid line through

the nucleate boiling regime.

The peak heat flux as indicated on Fig. 2 has been determined analytically

according to:

(Rl

where all properties are evaluated as for Eq. 1. Although experimental

1/4 1/2
cgeg, (p, -p.) p, *+ P
Ao, { = g } SUE—. (2)

21,0
=k

2

Py

data for LH2 is scarce, the theoretical prediction is of the right order.
The transition region for pool boiling has been entirely estimated, know-
ing both the maximum and minimum heat fluxes. Analytical correlations

within this boiling regime are not yet available.

The boiling curve passes through a relative minimum in going from the
transition region to the film boiling region. Few experimental data points
are available for the pool film boiling minimum heat flux., Only nitrogen
at atmospheric pressure has been studies to any extent and the results

appear to vary widely, depending on surface geometry and orientation.

13




Nevertheless, an analytical prediction proposed for the present LH2 case

is:

1/4
Y (pL - pV) /
) o= 0.09 Pyf Al——-—— g g (3)
min

2 e
oy + p,)

(0O

(

It should be noted that the exact values of AT for which both the relative
maximum and relative minimum heat fluxes occur are not indicated by the
previous relationships. However, a knowledge of the approximate tempera-
ture difference at which these phenomena occur allows the appropriate
boiling curves to be fitted, although the uncertainty prevalent in these

regions is indicated by representing the curves as dashed line segments.

A theoretical prediction of film boiling heat transfer is illustrated,
bracketed by a range of experimental data for LH2. The heat flux through
the vapor film has been shown to be strongly dependent on whether the film
is laminar or turbulent (Ref. 2). Only laminar films will be considered
here. For a laminar vapor film on a horizontal cylinder of diameter L,

the theory predicts:

3 1/4
— kvf (pL - pvf) Ao
h=062 Vg7 -7 3 ¢ (4)
vE W sat
where
0.4C. (T -T )V
) P,g W sat
A= A 1+
0 A

Utilizing this film coefficient relationship, the corresponding heat flux

profile is shown as a solid line.

Although portions of the curve generated in Fig. 3 are somewhat uncertain,
the primary area of interest during chilldown will be the film boiling
regime which is fairly well known. Figure 3 depicts the film coefficient

profile as a function of temperature difference. During the initial stages

14




0.005

0.001

- Second, R

0.0005

0,0001

Film Coefficient, Btu/In

0.00005

L

1 atm 2
32.17 Ft/Second

oq
won

Figure

3,

10 50 100

Temperature Difference TW - TSAT’ R

Liquid Hydrogen Pool Boiling Film Coefficient

500




of pump and line chilldown, the temperature will be at a high enough value
to initiate the film boiling (plus forced convection) regime. The values
of film coefficient proceed along the curve, from right to left, as time

increases.

With these considerations and with a qualitative interpretation of the LH,
pool boiling curve, the effects of increased pressure and reduced gravity

were demonstrated.
PRESSURE EFFECTS

The previously derived analytical pool boiling curve for LH2 at 1 atmosphere
and 1 g is reproduced in Fig. 4 . Utilizing this curve as a reference,

the effect of increasing the LH2 to 100 psia is also shown. It should be
noted that the hydrogen is still assumed to be at saturated conditions,
corresponding to 100 psia. In deriving the curve for an elevated pressure,
it has been assumed that the mechanisms of heat transfer are unaffected

and that the sole cause of changes in heat flux result from deviations in
the thermodynamic properties of hydrogen. The analytical predictions in-
dicate an increase in heat flux over the entire range of pool boiling.
Howevér, Ref. 3 has shown experimentally that substantial increases in
heat flux occur only during film boiling and at the maximum and minimum
heat fluxes. Within the nucleate and transition boiling regimes, the

effect of pressure appears minimal, possibly due to the difficulty in

obtaining reproducible data in these regimes.
DIMENSIONAL ANALYSIS

To determine the effects of reduced gravity on LH2 boiling heat transfer,
it was necessary to determine the predominant forces acting on the LH2
fluid system. This was done by analyzing the various dimensionless ratios
that can be formed from the common forces occurring in fluid systems (e.g.,
gravitational, surface tension, inertial, and viscous forces). Table 2
presents the applicable dimensionless force ratios and their critical
values. The critical value is that value at which both forces are of equal

importance.

16




Sutitog 100d Ci1 uo eanssexd 3o 109334 v 2andig

d FBS; LM ‘oousxeyyrq oanjexaduws]
0p9 0Qv 002 00T 08 09 ov 0¢ 0T 8 9 14 Z T
e WITd  ——m NOILISNVYUL
|\||.I4.
. e \
7°09s/3F L1°¢¢ = 8B / \
et
\\ //
JAN A /

e1sd ‘exanssaxd

_ I

<
17

O
34 - IH/NLg ‘V/0 ‘xnid 3BOy

<
o
i
14



TABLE 2

APPLICABLE DIMENSIONLESS FORCE RATIOS

Name Force Ratio Definition Critical Value
Gravitational glog, - pV)Lz
Bond Number, Bo = = one = 1
Surface Tension g. 0
2
. p Vv
Froude Number, Fr = Ingrtlgl = —_— 1
Gravitational g(pL - pV)L
Grashof Number, Gr = __Viscous _ = HY 1073
Gravitional ( _ )L2
glPy - Py,
Inertial V2 L
Weber Number, W = - = ey - 1
Surface Tension 8.0
Reynolds Number, Re = Inertial = p VL 1073
Viscous [l

In each of the above terms, L is a characteristic length of the particular
surface and V is a characteristic velocity. For instance, within the
Froude number, L would be the radius of a representative vapor bubble and
V would be the time rate of increase of bubble radius.

| 3
For any particular system in which the force ratio deviates greatly from
the critical value, one of the forces will become dominant. Figure 5
illustrates this fact for the Bond number. It should be noted that the
surface tension may provide the predominant force, even at standard gravity,
if the radius is extremely small (capillary action). Similar reasoning

can be applied to the remaining force ratios.

The usual dimensionless parameters utilized in heat transfer analysis are

presented in Table 3.
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Figure 5. Hydrostatic Force Regimes
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TABLE 3

HEAT TRANSFER DIMENSIONLESS PARAMETERS

Name Ratio Definition
_ Convective Heat Capacity h D
Nusselt Number = Foqrerive Heat Capacity N k
Kinematic Viscosity CE H
Prandtl Number = Thermal Diffusivity - k
Nusselt No. h
- Stanton Number = (Prandtl No.) (Reynolds No.) p Cp \

Reduction of the previously derived boiling heat transfer equations into
nondimensional form will provide a better physical interpretation of the
phenomena. 1Indeed, the rather irregular effect of gravity throughout the
pool boiling process may be explained from a knowledge of the force ratios,
and it is the magnitudes of all these parameters which govern the heat
transfer rates of a praticular fluid system. By applying these parameters

to Eq. 1 through 4, the following relationships are obtained:

® Nucleate Boiling

' C (T, - T )
Fr~1/2w61/2 Py W sat
Nu, = C

LT T oA py (5
T

® Peak Heat Flux

oW 1/4
NuL =57 Bo PrL Re (6)
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e Minimum Heat Flux
1/2

o
Nu, = 0.09 Bo'/* Pr Re, wel/? |- i A —1 (5 vt
Py W sat L' Py

(7
VP, P e VL
where Re, = v _vf
b u
L
e Film Boiling
) 1/4
_ 1/4 -1/4 1/4 1/2 0
Nuvf = 0.62 Bo We Prvf ReVf C T =T
p W sat
v
(8)

Heat transfer coefficients may be expressed in terms of Stanton number

through the relationship:
Nu = St « Re * Pr

Further simplifications may be made by realizing,
We = Fr ° Bo

however, gravity effects can best be explained with the above forms. The
subscripts, L, v, and vf signify, respectively, the liquid, vapor, and

vapor-film states.

The basic premise behind dimensional analysis requires each of the para-
meters in the above equations to be at or near its critical value. Non-
uniformities in these relationships is indicative of the fact that they
were derived independently by different researchers. Should any parameter
differ greatly from its critical value, then the corresponding equation
must be rederived. Inspection of Eq. 5 through 8 reveals that the nucleate

boiling regime was considered independent of viscous forces and the film

21




boiling regime independent of surface tension forces. While this may have
been justified for the particular system used for the derivation of these
forms, care must be taken to evaluate each parameter, and thus determine

the predominant forces, when investigating a new situation.
GRAVITY EFFECTS

Referring to Eq. 5 through 8, the heat flux is found to be proportional

to gl/2 (Fr—l/z) for the nucleate boiling regime whereas the maximum and

minimum heat fluxes, as well as the film boiling heat flux, are all pro-

1/4 (B01/4). However, the results of experimental data in-

portional to g
dicate that the nucleate boiling heat flux (and transition regime) is in-
dependent of the local gravitational field, but justifies the remaining

analytical predictions. -

Experimental data for LH2 is rather limited; however, Fig. 6 (Ref. 4)
illustrates the insensitiveness of heat flux with gravity during nucleate
boiling. This can be explained by an investigation of the forces acting
on an individual bubble. The ratio of inertial forces to gravitational
forces (Froude number) becomes a criterion for the controlling force in
bubble growth. When the Froude number is of the order of 1, these two
forces have approximately equal value. Should this ratio be greater than
unity, then the inertia forces may be expected to predominate. The oppo-
site will be true for Froude numbers less than unity. Reference 5 has
indicated that, for cryogenic liquids at 1 atmosphere and 1 g, the Froude
number is on the order of 1500. Hence, even at standard earth gravity,
the predominant force in nucleate boiling is an inertial force, and buoyant
forces are insignificant. This fact would suggest that Eq. 1 and 5 be re-
derived for the present problem, independently of gravitational forces,
for the boiling process is already operating in an effective zero-gravity

atmosphere.

Experimental data for the remaining boiling phenomena are limited to LN2.

1/4

The heat flux dependence on g for both the peak and minimum heat flux

values is justified by Lewis et al. (Ref. 3). However, within the film
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boiling regime, they have found Q/A to be proportional to either gl/3 or

g2/9’ depending on the geometry. As was noted earlier, the correlation

for film boiling was developed for horizontal cylinders with a laminar
vapor film. Therefore, for the sake of continuity, the 1/4 power dependency
was retained with consideration that each particular case may have to be

investigated separately.

Perhaps the most significant result achieved by Lewis et al. during their

) e (a/g)/?

sat’max
erature difference at which the peak nucleate boiling heat flux occurs

experiments was the correlation of (AT {(i.e., the temp-

will decrease with a decrease in the local acceleration).

Figure 7 (Ref. 5) represents the entire experimental pool boiling curve
for saturated LN2 at 1 atmosphere and at local accelerations of 1 and 0.02
g. Figure 8 represents the entire analytical pool boiling curve for sat-
urated LH, at 1 atmosphere and at .local accelerations of 1 and 0.004 g.

A qualitative comparison of these two figures indicates that the developed

analytical correlations for LH, are representative of the actual case.

2

The value of (a/g) = 0.004 was chosen because it will result in a Bond
number of 1 at an L = 1 inch. This value of L is characteristic of the
pump mean hydraulic diameter” for a thrust level of 40,000 pounds as dis-
played in Ref. 6. Hence, at this value of (a/g), the surface tension and
gravitational forces are of the same order, and further reductions in
gravity will have little effect on the heat flux. Variations in the mean

hydraulic diameter will result in different critical values of (a/g).
FORCED CONVECTION

Although general theoretical equations for LH2 forced convection saturated
boiling have not yet been developed, the relatively simple method of super-

position can be used:

hoverall N hforced convection hpool boiling

—
Flow through a blade passage area
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Therefore, if forced convection heat transfer is independent of variations
in the gravity field, the change in heat flux experienced at reduced grav-
ities will be solely attributed to the decrease in heat flux within the
pool boiling regime.

AQ/A) = A(Q/A)

total pool boiling

This relationship indicates that even if experimental data cannot be corre-
lated at standard gravity, the resulting heat flux at reduced gravities

can be predicted by a knowledge of the pool boiling characteristics alone.

The actual regions of gravity dependence within forced convection heat
transfer can be found by considering the Grashof number for any particular
case. A representation similar to that of Fig. 5 can be developed and

the influence of viscous forces and gravitational forces can be determined.
Inherent in assuming a superposition of film coefficients is that the pre-
dominant forces of forced convection and the predominant forces of pool
boiling are mutually exclusive. For instance, any drag force that might

be induced on a vapor bubble by a flowing liquid is neglected. A more
accurate representation of forced convection saturated boiling must con-
sider the interrelationship of all forces pertinent to each of the possible

flow conditions.

EFFECTS OF THERMAL VARIABLES ON LH2 PUMP CHILLDOWN

In previous analytical study (Ref. 7), it was shown that a thin layer of
very low thermal conductivity material can effectively reduce the chill-
down time of a pump. Also, a reduction in total hydrogen requirements for
chilldown of the pump was shown. Analytical chilldown analyses were con-
ducted for typical materials used for the fabrication of LH2 turbopumps.
The analyses included metals for heat transfer coefficient boundary condi-
tions of pool boiling under zero and unity gravity and forced convection

at LH2 mass velocities of 2 and S 1b/in.2-sec.

Analytical chilldown investigations were conducted with coated and uncoated
ens-50 aluminum, titanium, and K-monel materials which represent the Mark

15 and Mark 29 LH, pump parts.

2
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The heat transfer coefficient boundary conditions considered in this ana-

lytical study were:

1. Pool boiling under zero gravity
2. Pool boiling under a unity gravity

3. Forced convection at LH, mass velocities of 2 1b/in.2-sec

2

4. Forced convection at LH, mass velocities of 5 1b/in.2—sec

2

The following sections describe the results of the computer study for

both coated and uncoated materials.

Chilldown of Materials (Uncoated)

Analytical chilldown studies were carried out using three basic metals that
are most commonly utilized in the manufacture of LH, pumps. These metals
were Tens-50 aluminum, titanium, and K-monel. A small model representing

a segment of the hydrogen pump was selected and was broken down into smaller
nodal pieces. This model and its nodal breakdown is shown on Fig. 9 .

The model was prepared for an existing thermal analyzer computing program
(DEAP). The accuracy of the results depended on the input data; there-
fore, the specific heat and the thermal conductivity of the metals used

in these analyses were input to the program in the form of tables covering
the entire range of temperature variations. It was assumed for the study

that the metal was initially at 70 F (530 R).

The chilldown analyses were carried out assuming four different conditions

for the coolant hydrogen:

-1, Pool boiling under zero-gravity condition
2. Pool boiling under a unity-gravity condition
3. Forced convection at a mass flux of 2 1b/in.2—sec

4, Forced convection at a mass flux of 5 lb/in.z-sec

28
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The determination of the hydrogen heat transfer coefficients for zero-
gravity and unity-gravity conditions was based on the data of Fig. 8.
Equation 25 of Ref. 7 (given below) was utilized to compute the hydrogen
heat transfer coefficient for the forced flow condition with boiling:

h, = 0.00065 G0+ (9)

The results are plotted on Fig.10 as heat flux versus temperature differ-
ence between the wall and the hydrogen-saturation temperatures. Equation
9 is valid for a temperature difference (TW - Tsat) of about 20 to 500 R,
Below a temperature difference of 20 R, the results of Eq. 9 are lower than
the transition and nucleate boiling region. Consequently, below a AT of
about 20 R, the heat fluxes found through the use of Eq. 9 (dashed section
of Fig. 10), which was added to the heat fluxes under the unity gravity
condition, was used to determine the heat transfer coefficient. Figure 10
shows the heat flux versus temperature difference for the conditions used
in this chilldown analysis. Also, the experimental results of Ref. 8,
which are for a mass flux of about 0.586 lb/in.z—sec, are shown on Fig. 10
for comparison purposes. A fair agreement exists between the data of

Ref. 8 and the values obtained from Eq. 9. The results of Fig. 10 were
transformed into heat transfer coefficients.and were inputed into the pro-
gram in a tabulated form (heat transfer coefficient versus Tw - Tsat) for

all conditions analyzed. Figure 11 shows heat transfer coefficients versus

AT for various conditions.

The computer program was run long enough so that the wetted surface temp-
erature dropped below -400 F for most of the cases. The temperature of

hydrogen was kept constant at -423 F representing all chilldown condition
except very low flow conditions. Listed in Table 4 are some of the per-

tinent data input into the thermal analyzer program.

When the resistance ratios (K/WCp) of these metals were compared, it was
expected that the surface temperature of titanium would drop much faster
than that of aluminum and K-monel. However, due to the variation of

specific heat and thermal conductivity with temperature, the surface
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TABLE 4

COMPARISON OF AVERAGE CAPACITANCES AND AVERAGE THERMAL
CONDUCTIVITIES OF THE METAL AT -24 F

we_, K/WC_,
P K» P
Metal (Btu/F) (Btu/in.-sec-F) | (in./sec)
Aluminim | 0.00196 0.00102 0.521
Titanium | 0.001675 0.0000696 0.0416
K-monel 0.00272 0.000164 0.0602

temperature of Al and Ti remained fairly close together for low values

of heat transfer coefficients. At higher values of heat transfer coeffic-
ient, the difference in surface temperature became prominent. Again the
effect of physical property variation with temperature caused the cooling
curves for aluminum and titanium to cross one another for high values of

heat transfer coefficients.

Pool Boiling Chilldown Under Zero-Gravity Conditions. This condition may

exist when a vehicle is in orbit around the earth or during space missions.
Before an engine starts, the warm hydrogen pump must be preconditioned to
ensure a smooth engine start. If the pump was permitted to be filled with
hydrogen without flow (dump case), the heat will be transferred from the
warm surfaces of the pump into the nonflowing hydrogen by means of the pool
boiling process. The reduced gravity condition caused a reduction in the
heat flux. The results of chilldown analyses under this condition indicate
that to achieve a surface temperature of about -405 F for uncoated Tens-50
aluminum, titanium, and K-monel, chilldown times of about 705, 662, and
1100 seconds, respectively, are required. These times are very high and
can be reduced if forced convection is applied. Figure 12 depicts the
wetted surface temperature versus chilldown time for the model cases

analyzed.

Pool Boiling Chilldown Under a Unity-Gravity Condition. This condition

is prevalent during ground hydrogen pump preconditioning when the pump is

merely filled with boiling LHZ‘ As shown on Fig. 10, the heat fluxes and,
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consequently, the heat transfer coefficients (Fig. 11) under this condi-
tion are higher than those of the zero-gravity condition. These heat trans-
fer coefficients were applied to the model and the wetted surface temper-
ature as a function of chilldown time was determined for the three mater-
ials under investigation. Figure 13 depicts the results under this con-
dition and shows the required chilldown times for the achievement of a
wetted surface temperature of about -405 F. The required chilldown times
are about 190, 205, and 315 seconds for uncoated aluminum, titanium, and
K-monel, respectively. This is a considerable jimprovement compared to

the pool boiling under zero-gravity conditions. However, the required

chilldown time is still high and further reductions are desired.

Forced Convection Chilldown at Mass Flux of 2 1b/in.2-sec. Under forced

convection, the resistance of the transfer of heat from the warm surfaces
to the hydrogen was much lower than that during the two previous processes.
This means that under forced convection, the heat transfer coefficient was
much higher. The average heat transfer coefficient between a AT of 20 to
1000 R was about 0.000033, 0.000166, and 0.00093 Btu/in.2-sec-F for the
zero gravity, unity gravity, and a mass flux of 2 1b/in.2—sec condition,
respectively. Therefore, the wetted surface temperature decreased more
rapidly under the forced convection than the two previously conditions.
The achievement of a surface temperature of about -405 F is accomplished
in about 30, 65, and 74 seconds for the uncoated aluminum, titanium, and
K-monel, respectively. The results of the chilldown study under this

condition are plotted on Fig. 14.

Forced Convection Chilldown at a Mass Flux of 5 lb/in.z—sec. As the hy-

drogen mass flux was increased, the heat transfer coefficient was also
increased, and a reduction in the chilldown time of the metal was obtained.
The achievement of a surface temperature of about -405 F was attained in
approximately 20, 50, and 60 seconds for uncoated aluminum, titanium, and

K-monel, respectively.
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Figure 13. Wetted Surface Temperature vs Chilldown Time Under Pool
Boiling Condition and Unity Gravity
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Figure 15 depicts the wetted surface temperature versus chilldown time

for this condition. It was noticed (Fig. 12 through 15) that the cooling
curves of the uncoated aluminum and titanium cross one another. Based on
the average values of WCP and K/WCp (given in Table 4), the titanium sur-
face temperature should be lower than that of aluminum at all times. The
crossing of the two cooldown curves occurred because the surface tempera-
ture of titanium initially decreased very rapidly but because of the low
thermal conductivity, the temperature of the main body remained fairly
unchanged (Fig. 16). At low surface temperatures, the heat flux and con-
sequently the rate of heat removal was low; therefore, a long chilldown
time was required. In the case of aluminum (very high thermal conductivity),
the difference between the surface and back side temperatures is small
(Fig. 17) and the entire body cooled down at a nearly uniform temperature.
Because of the higher surface temperature, the heat flux and the heat re-
moval rate was higher for aluminum. Therefore, a shorter chilldown time
was required for Tens-50 aluminum than titanium for very low surface
temperatures. For the comparison purposes, a plot of h/k versus chilldown
time was prepared for the three metals under investigation (Fig. 18).
Again average values of h and k was used to construct Fig. 18. It is seen
that for avgiven value of h the required chilldown time was less for the

Tens-50 aluminum to reach the desired surface temperature.

For comparison purposes, Table 4 was prepared to indicate the average values
(at -247 F) of WCp and thermal conductivity. Tables 5 and 6 show the
surface and backside temperature of the specimen at various times. At

low values of heat transfer coefficient, the chilldown time was much longer
and the thermal gradient was much smaller (Table 5) than for the case of

high heat transfer coefficient (Table 6).
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TABLE 5

COMPARISON OF THE WETTED SURFACE AND THE BACKSIDE TEMPERATURES
OF THE UNCOATED METALS UNDER ZERO-GRAVITY POOL BOILING

(a/g =0.004)
Metal and Temperature, F
- Time, Tens-50

seconds Location Aluminum | Titanium | K-monel

60 Backside surface 30 28 43

Wetted surface 28 -2 35

AT 2 30 18

150 Backside surface -55 -45 -12

Wetted surface -63 -73 -30

AT 5 28 18

600 Backside surface -335 -351 -240

Wetted surface -338 -366 -258

AT 3 15 10
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TABLE 6

COMPARISON OF THE WETTED SURFACE AND THE BACKSIDE TEMPERATURES
OF THE UNCOATED METALS UNDER FORCED CONVECTION
(G = 2 lb/in.z—sec)

Metal and Temperature, F
Time, Tens-50

seconds Location Aluminum|{ Titanium | K-monel

10 Backside surface -138 46 68

Wetted surface -183 -294 -236

AT 45 340 168

20 Backside surface ~-282 -30 -50

Wetted surface -320 -339 -270

AT 38 309 220

30 Backside surface | -367 -103 -130

Wetted surface -400 -361 -270

AT 33 258 140

43 Backside surface -420 -170 -235

Wetted surface -419 ~380 -355

AT 1 210 120

75 Backside surface -422 -317 -356

Wetted surface -422 -420 -402

AT 0 103 46
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I1: COATED FEED SYSTEMS

The effect of coatings on the cooldown time of various materials was inves-
tigated in this task, and coating techniques for both conventionally applied
polymeric materials and plasma spray coatings were developed. The evaluation
and development of these coatings, including thermal and flexural tests, were
conducted using coated Tens-5 aluminum and titanium specimens. The most

promising coatings were then applied to parts of the Mark 29 LH, turbopump,

2

and hot-fire tests were conducted in LHZ‘ The coated pump parts were re-

viewed and the results of these tests are included in this section.
CHILLDOWN OF COATED MATERIALS

Thin layers of various coatings have been applied to the surface of metals

by numerous investigators and cooldown times of those specimens for both
coated and uncoated metals have been experimentally determined in LH2 and
LN2. These investigators (Ref. 9 through 12) have shown that cooldown

times may be appreciably reduced when a thin layer of very low thermal
conductivity material is applied to the metal being cooled. This reduction
in cooldown time was the result of enhancement of heat transfer coefficient
brought about by the coating. The thin layer of coating permits a temperature
gradient to be set up between the outer coating surface closer to the critical
AT of nucleate boiling during the cooldown. Because the heat transfer coef-
ficient is highest during nucleate boiling, the cooldown time of the coated
metal was, therefore, lower than the uncoated metal, Reference 9 shows that
the cooldown time of a vaseline-coated (~0,10-millimeter thick) cylinder
reduced the uncoated cooldown time by 1/4, Reference 9 also shows that

the coating thickness is important in reducing the cooldown time, and that
there was an optimum coating thickness beyond which the cooldown time was

not decreased.”

The heat flux between the coating surface and the fluid adjacent to it is

described in the equation below:

Tsurface - Tb (10)

Q/A (E7K )+ (t/K) T 17R

coating
*Also Ref. 22
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If one assumes (t/km) to be small in comparison to other resistances, then:

T T
Q/A = surface b (11)
(t/k)coating + 1/h

For the pool boiling condition, 1/h is large in the film-boiling region
(2.56 x 105 Btu/in.z—sec—F) and small in nucleate boiling region (189 .
Btu/in.z—sec—F). Therefore, the resistance of a 0.010-inch coating (1 x 104
Btu/in.z—sec) will be controlling when ht/Kc > 1.0 (Ref. 13) during

nucleate boiling.

The forced convection heat transfer with film boiling can be substantially
higher than pool film boiling, but lower than that obtained during pool
nucleate boiling. If, throughout the chilldown time, the resistance due
to the coating is larger than the fluid-to-wall resistance without the
coating, the addition of a coating will result in a slower cooling. A
shorter cooldown time can be obtained if:

h tec

e < 1.0 (12)

where | is the heat transfer coefficient obtained without coatings for a
major portion of the cooldown time (Ref. 13). This study, however, is

not concerned with the reduced cooldown time of the entire mass of the

pump components but, rather, with the reduced cooldown time of the wetted
surfaces. That is, the faster (within seconds) the surfaces of the impeller,
pump casing, etc., can be chilled, the sooner the pump can be started. Con-
sequently, the surface temperature was of concern in this study, provided
that.the very rapid chilldown of the metal surface (while thermal stresses
caused by at or near the initial temperature) was detrimental, either the
surface must be chilled slowly (use of coating will accomplish this) or

a different metal chilldown rate, or design, must be selected.

46




Further experimental study needs to be performed using LN2 and LH2 coolants
for chilldown with thin insulating coatings (0.010 inch). Typical data,

as shown in Fig. 19 from Ref. 13 for plate LH, cooldown under unity-g pool

boiling conditions, indicate that the presencg of the coating can possibly
alter the transition point (saturation-to-wall temperature difference) where
the onset of nucleate boiling occurs. However, data cannot be derived from
the single thermocouple measurement taken in the plate center (not at the
coating surface). A recent Russian article (Ref. 14) indicates that, for

LN2 chilldown with coated surfaces, the presence of a Teflon coating can
alter the nucleate boiling onset by as much as 130 R (with LN2) earlier,.
(However, details of the measurement and data are not provided.) The effect
of an earlier transition to nucleate boiling will be to shorten the chilldown
times over that shown in the current work in the surface temperature range

of -350 to -423 F. For LH2 cooldown, it is expected that the onset of nucleate
boiling should not occur at greater than a AT = 75 R wall-to-saturation tem-
perature difference under any surface condition. The effect of an onset of
nucleate boiling at this earlier point with a coating, however, should alter
the analytical results of this study, particularly in cases where thick-wall
sections are used and where reduction of the surface temperature from -350 F
appears difficult because of a low film-boiling heat transfer coefficient

applied.

It is recommended that further definition of the LN2 and LH2 heat transfer
coefficient in the range of film to nucleate boiling be provided for Kel-F
or Teflon-coated surfaces to verify both the peak nucleate boiling values

and temperature-difference (AT) range of applicability.

The choice of a coating, in addition to its very low thermal conductivity,
depends on the availability, ease of application and, most important, dura-
bility. The coating material must be capable of undergoing many chilldown

cycles without cracking, peeling, chipping, or becoming damaged.

For the purpose of this analytical study, a KX635 coating applied to the

surfaces of Tens-50 Al, titanium, and K-monel was analyzed. A simple model
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is shown in Fig. 20. The data for this model were made input to the thermal
analyzer program. The specific heats and the thermal conductivities of the
metals and the coating were given in tabular form as a function of tempera-
ture. The hydrogen heat transfer coefficients were assumed to be the same
as in the noncoated cases. At first, a coating thickness of 0.020 inch was
studied and the results are plotted in Fig. 12 through 15 with the results

of the uncoated cases.

Figure 12 shows the surface temperature of the coated and the uncoated metals
under a zero-g condition. It can be seen that the surface temperature of

the coating decreased very rapidly within the first few seconds. The slope
of the cooling curve then changes and the surface temperature decreased at

a much slower rate than at the beginning of the chilldown. Eventually, the
cooldown curves of the coated metals cross the cooling curves of the uncoated
metals. This indicated that, for a 0.020-inch-thick coating, under zero-g
conditions, there was a time period where the surface temperature below which
coatings are of no value in reducing the chilldown time. For example, the
cooling curves of the uncoated and coated titanium crosses at ~500 seconds
from the start of the chilldown. The surface temperature corresponding to
this time period was ~-307 F. Therefore, from the standpoint of surface
chilldown time reduction, the 0.020-inch layer of coating was beneficial

for times less than 500 seconds (where the surface temperature is -307 F).

A coating can be beneficial regardless of the decrease or increase in chill-
down time., A coating was of great help in reducing the thermal gradients in

the base metal where large thermal gradients may cause high thermal stresses.

As the heat transfer coefficient was increased, the surface temperature cool-
down time of both uncoated and coated metal decreased. This effect can be
seen in Fig. 13 for pool boiling under a unity-g condition. This figure
shows that the chilldown curves for coated and uncoated titanium cross at

a surface temperature of ~-345 F, The time to achieve this temperature was
~155 seconds, which was much lower than that for the zero-g condition (500
seconds) discussed eérlier, A further increase of the heat transfer coef-

ficient tended to force the crossing of the surface temperature cooling
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Figure 20. Simple Model of Coated Metal Showing Nodal Breakdown for Chilldown Study




curves to occur both at a lower temperature and at a reduced cooldown time
for coated and uncoated metals. This phenomenon becomes morec prominent
under forced convection conditions. For example, Fig. 14 indicates that
the two curves for titanium cross at a surface temperature ~-390 F after

a chilldown time of approximately 58 seconds.

Figure 15 shows that the cooling curves for coated and uncoated K-monel and
titanium do not cross, indicating that a 0.020-inch-thick coating was bene-
ficial in reducing the surface temperature chilldown time for the entire
temperature range. For example, the surface temperature of coated and un-
coated K-monel decreased to -410 F in 51 and 66 seconds, respectively.
However, the cooling curves for coated and uncoated aluminum still cross

at a surface temperature of ~-430 F in approximately 21 seconds.

To evaluate the effect of coating thickness on the chilldown time, coating
thicknesses of ~0,005, 0.010, and 0.050 inch also were selected, and the
analytical cooldowns were studied for titanium only. The results are plotted
in Fig. 21 through 24 for zero g, unit,g forced convection at a G equal to

2 and 5 1b/in?—sec, respectively. These figures reveal that low heat trans-
fer coefficients (especially under pool boiling conditions) and the cooling
curves of various coating thicknesses cross each other. As the coating
thickness increased, the surface temperature decreased faster initially,

but the time to achieve a final temperature of ~-410 F increased. The
relationship between the coating thickness and the heat transfer coefficient
must be satisfied if a coating is to reduce the chilldown time of the entire

body of the metal being chilled., Again, this relationship is shown as:

=1

t
C

< 1.0

|

~

As the coating thickness increased, the inequality above can be reversed

to become:

=1
o+

> 1.0 (13)

-
[¢]
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When this occurs, the resistance due to the coating will be the controlling
factor and an increase in chilldown time will take place, If, throughout

the cooldown, the resistance due to the coating is larger than the fluid-
to-wall resistance without coating, the addition of a coating will result

in a slower cooling (Ref. 13). Between a AT of 500 and 13 R, the average
heat transfer coefficient is ~0,000088 Btu/in?—sec—F for pool boiling under
zero-g condition. Therefore, the resistance of the fluid boundary layer

was ~1.135 x lO4 Btu/in.z—sec—F. The resistances of the coating at an average
thermal conductivity of 1.4 x 10_6 Btu/in.-sec-F for various thicknesses are

as follows:

Coating Thickness, Resistgnce,

‘ inch Btu/in, " -sec-F
0;002 0.143 x 104
0.005 0.715 X-lO4
0.010 1.430 x 104
0.020 2.860 x 104
0.050 7.150 x lO4

Therefore, a 0.010-inch coating has higher resistance than the average heat
transfer coefficient. Consequently, for coating thicknesses above 0.010
inch, the thickness was definitely the controlling factor. Thus, the chill-
down time of the entire body increased as coating thickness was increased.
Reference 9 has shown the effect of coating on the cooldown time. The
results of the experiments in Ref. 10 indicated that, as the coating fhick-
ness increased from zero to optimum thickness, the cooldown time reached

a minimum. Any thickness above this optimum thickness raised the cooldown
time. A coating thickness of 0.005 inch reduced the chilldown time of the
surface temperature and the chilldown time of the entire titanium segment.
Figure 21 shows that the cooling curve of the 0.005-inch, coated titanium
was (at all times) lower than that of the uncoated case for titanium. This
indicates that the entire body of the specimen was chilled faster when

0.005 inch of KX 635 was applied to its surface.
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Figure 25 is a plot of the time required to achieve a surface temperature
of -400 and ~-300 F as a function of coating thickness. It can be seen
that, for pool boiling condition, an optimum coating thickness (~0.005
inch) exists. The minimum chilldown time was obtained at these optimum
coating thicknesses. However, at higher heat transfer coefficients, the
effect of the coating was a slight increase followed by a sharp decrease

in the cooldown time of the surface temperature for a G of 2 and 5 lb/in%-sec.

Again, as the heat transfer coefficient increased, the chilldown time of
the coated and uncoated titanium decreased and the cooling curves crossed
at earlier chilldown time. Figure 22 shows, for example, that 0.005- and
0.05-inch coatings have the same cooldown times for a surface temperature
of ~-392 F, This is obvious from Fig. 22 for the pool boiling condition
where an optimum coating thickness was indicated. For forced convection
conditions with fairly high heat transfer coefficients, the controlling
resistance was due to the coating, and the chilldown time of the entire
body will increase. Although the surface temperature decreased much faster
at the start of the cooling, the final temperature of ~-410 F cannot be
achieved quickly with 0.010- or 0.020-inch coatings. Figure 16 shows the
temperature effects of the surface and back-side temperature of the base
metal with a 0.005-inch coating. It can be seen that the metal surface and
back-side temperatures of the coated metal are higher than that of the un-
coated metal. Figure 24 is similar to Fig. 22 except that, because of the
higher hydrogen mass velocity, the chilldown times are shorter for both
coated and uncoated titanium. Figure 24 indicates that the surface tem-
perature of the coating decreased to ~-410 F in ~3 and 48 seconds for a

coating thickness of 0.05 and 0.020 inch, respectively.

Coating Effects

From the results of the coated and uncoated analyses discussed previously,
it may be concluded that coatings have a distinct advantage in eliminating
the thermal stress problems during a fast chill., An uncoated titanium part

being chilled at a mass flux of ~2 lb/in?-sec has a temperature distribution
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as shown in Fig. 16. The maximum thermal gradient of ~320 F occurred at

~10 seconds after chilldown, whereas the thermal gradient for a 0.020-inch,
KX 635 coated titanium being chilled at mass flux of 2 1b/in?—sec was ~30 F,
as shown in Fig. 26, Also, the obvious advantage of coatings was the reduc-
tion in chilldown time, particularly under forced convection. The surface
temperature of the coating decreased faster than the uncoated case, and re-
sults in a lower heat flux and hydrogen propellant vaporization, which may

permit earlier pump startup.

Selection of Coating Thickness

The selection of the coating thickness would be relatively simple if it were
not for the changes in the chilldown conditions. 1If the chilldown of the
pump takes place either under the worst (pool boiling under zero g) or best
chilldown conditions (forced convection at high g value), then one coating
thickness could be selected. However, the coating thickness must be selected
to meet the predicted system chilldown conditioning requirements. A thin
coating (0.005 inch) film was advantageous for zero-g and unit-g pool boil-
ing conditions for surface chill temperatures to ~-400 F. Thicker coatings
(~0.030 to 0.050 inch) become more advantageous for chilldown under forced
convection., By referring to Fig. 25, it can be seen that a 0.005-inch coat-
ing causes a reduction in the chilldown time under zero-g conditions and

has no effect under forced convection for the attainment of a surface tem-
perature of ~-400 F. Under tank-head start, the hydrogen mass flux is low
(~1 lb/in?-sec, Fig. 146 of Ref. 7), and the coating effect on the chilldown
time was almost nil. Therefore, it would be beneficial to choose a coating
thickness that would be effective in the pool boiling region under zero-g
which was ~0.005 inch. Therefore, a representative part of Mark 29 LH2
pump was coated with various thicknesses (from 0.0002 to 0.010 inch) of KX
635 and chilled in LH2 under zero-g conditions to determine analytically
optimum coating thickness and the actual chilldown time reductions ob-
tained. If the chilldown time of a thinly coated pump can be reduced

to 1/4 of its value for the uncoated case (as shown by Ref. 9), the ex-
pected chilldown time for a titanium pump can be ~167 seconds under the

zero-g pool boiling condition.
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Reference 15 has shown that a 0.0003-inch, Teflon-coated, stainless-steel

plate has a much higher chilldown heat flux than an uncoated plate,

Pumping Capability

During engine start with a warm inlet line and pump, vaporization of the
hydrogen may occur because of cavitation on the low-pressure regions of

the pump flow passages and heat transfer from the warm inlet duct and the
pump itself. However, the major portion of the vaporization was caused by
the heat transfer from the warm surfaces to the cold hydrogen, LH2 pumps
similar to the Mark 29 are capable of pumping liquid hydrogen containing
vapor of approximately 1 percent by weight (~20 percent by volume), depend-
ing on the hydrogen inlet pressure. Therefore, analytical studies were made
to investigate the conditions controlling the inlet quality of hydrogen dur-
ing a warm start. First, the maximum tolerable heat fluxes were computed
for 1-. 3-, and 5-percent vapor by weight (approximately 20, 45, and 55

percent vapor by volume at 30 psia) by the following equation:

Q = w [cp(Tz - T + X Hv] (14)

Dividing Eq. 14 by the heat transfer surface:

w

%’ b [cp(Tz =T+ X Hv] (15)

S

where Q/AS is the heat flux rate. Multiplying and dividing the right-hand

side of Eq. 15 by the flow cross-sectional area:

A
W

%_ = [Cp(TZ - T+ X HV]KE— (16)
S C S

but
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and

c hydrogen flow area

A heat transfer surface area

b

therefore, the final equation becomes:

A
Q _ c
Z\Z = G [cp(Tz - T + X Hv] 7\-5- (17)

Equation 17 was solved for subcooled and saturated hydrogen conditions to
determine the maximum tolerable heat fluxes. For a saturated LH2 condition,
the term cp(T2 - Tl) becomgs zero. '

The results of Eq.17 were plotted in Fig. 27 and 28 as heat flux versus
mass flux for two values of Ac/As' One value represents the first row of
the inducer blades, and the other simulates the entire pump flow passages.
Next, the results of chilldown analysis from the thermal analyzer program
were plotted as heat flux versus wetted surface temperature for coated and
uncoated Tens-50 aluminum. The chilldown times are cross-plotted in Fig.

29 through 31.

These figures show that the heat flux decreases slowly at first as the
wetted surface temperature decreased under pool boiling. This is the re-
gion of film boiling where the heat transfer coefficient is low. As the
wall temperature dropped, the heat transfer coefficient rose slowly; there-
fore, the heat flux decreased with a gentle slope. At AT of ~17.5 R, the
heat‘transfer coefficient began to rise sharply (Fig. 11), which resulted
in a faster reduction of the surface temperature. However, the rise in
the heat transfer coefficient was so fast that, although the AT is very
small, the heat flux began to rise at a wetted surface temperature of
~-404 F). Figure 11 shows that, for a AT of 19 R (a wall temperature of
-404 F), the heét transfer coefficient was ~0.000047 Btu/in%-sec—F, which

results in a heat flux of ~0.0008%4 Btu/in?—sec. Conversely, at a AT of
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3 R (a wall temperature of -420 F), the heat transfer coefficient was
~0.00189 Btu/in?~sec=F, which resulted in a heat flux (Q/A = hAT) of
~0.00567 Btu/in?—sec. For this reason, the rapid increases of the heat
fluxes occur below a wall temperature of ~-40 F (Fig. 29 through 31).
Figures 27 through 31 can be utilized to determine the required surface

temperatures of the various parts of the pump prior to pump start.

For example, at a saturated hydrogen mass flux of 2 lb/in?—sec, for a 1
percent by weight vapor condition, Fig. 27 shows that the heat flux was
~0.325 Btu/in?-sec for Ac/A; = 0.085. Using this heat flux in conjunction
with Fig. 29 (for uncoated titanium), the wetted surface temperature of
the duct must be -70 F or colder for the pump to start properly. Figure
29 also shows that a chilldown time of ~1.5 seconds was required. Because
the inducer flow cross-sectional area was ~4,91 in?, the minimum hydrogen
required was ~14,7 1b to lower the surface temperature of the inducer to
~-70 F, However, the main part of the pump was still warm, and a pump

start may not be possible.

Again using subcooled hydrogen at a mass flux of ~0.3 1b/in?—sec, Fig.
indicated a heat flux of ~0.0225 Btu/in?-sec for Ac/As = 0,0025 (entire
pump). Referring to Fig. 29, after some interpolation, one can find an
approximate surface temperature of ~-370 F, The required chilldown time
also was estimated to be 60 seconds; therefore, the minimum required
hydrogen is ~88.5 pounds. This is in fair agreement with the results of
test No. 16 made with engine III (Fig. 147 of Ref. 7 ), and indicated that
in 30 seconds, ~100 pounds of hydrogen flowed through the pump. However,
at the start of the test, this hydrogen contained a great deal of vapor
(Fig. 145 of Ref. 7) that entered the pump. The hydrogen quality dropped
in 30 seconds to ~25 percent by volume, which was the maximum expected for
pump operation. In the present analyses, it was assumed that saturated
LH2 enters the pump and the vaporization takes place in the pump itself.
Therefore, it is plausible that the minimum hydrogen requirement should be

less than 88.5 pounds, compared to 100 pounds from test III of Ref. 7.
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The use of Fig. 27 indicated that, when saturated hydrogen entered the pump
at a mass flux of 2 lb/in?—sec (for l-percent quality by weight and AC/AS =
0.085), the maximum tolerable heat flux was 0.325 Btu/in?-sec. Figure 27
shows that this heat flux was associated with an approximate coating surface
temperature of ~-70 F. The chilldown time was less than 1 second and, there-
fore, the minimum hydrogen requirement was less than 10 pounds based on the

inducer chilldown time alone.

It should be noted that the heat flux curves of Fig. 29 through 31 ire ex-
actly the same because the heat transfer coefficient is a function of AT,
and hydrogen temperature was constant, and the heat flux for a given wetted
surface temperature was exactly the same for coated and uncoated metal. The
difference between Fig. 29, 30, and 31 was due to the chilldown time curves
(dashed 1lines).

To determine the necessary hydrogen requirement to chill the entire pump
wetted surfaces to an acceptable temperature level, Fig. 27 through30 were
used. In the preparation of Fig, 28 , it was assumed that hydrogen was sub-
cooled (~8.5 degrees). The results indicated that, at a mass flux of 2 1b/
in%—sec, the wetted surface temperature was ~-275 F and the required chill-
down times were ~7.5 seconds and less than 1 second for an uncoated and a
0.020-inch KX 635 coated titanium pump, respectively. Therefore, at a mass
flux of 2 lb/in?—sec, the minimum hydrogen requirements, based on an inducer
area of 4.91 in?, were about 73.5 pounds and 10 pounds for uncoated and a
0.020-inch coated titanium pump, respectively. This clearly points out the
advantage of the coating from the standpoint of reducing the chilldown time
and hydrogen requirements. Also, as mentioned previously, the use of coat-
ings will reduce the thermal stress problems because of the thermal gradients

set up in titanium parts during chilldown was far less with coatings.

At a mass flux of 5 1b/in?—sec, the extrapolation of Fig. 28 for AJA, =
0.0025 (entire pump) results in the heat flux of 0.385 Btu/in?—sec for
titanium, Figﬁre 29 indicated that this heat flux was associated with a
pump start wall temperature of ~-152 F. The chilldown time to achieve this

temperature was ~1.5 seconds, and the minimum total hydrogen required was
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~36.8 pounds. The hydrogen requirements for the uncoated titanium pump
were ~73.5 and 36.8 pounds at a mass flux of 2 and 5 1b/in?—sec, respec-
tively. Again, the advantage of high hydrogen flowrates for the purpose

of pump chilldown was indicated (as shown in Ref. 7 ).

When Tens-50 aluminum was examined, Fig. 27 showed that for a mass flux of

2 lb/in?-sec when saturated LH, entered the pump, allowable hydrogen quality

2
was 1 percent by weight. At this heat flux, Fig. 31 indicated a surface

temperature of ~-70 F, and the associated chilldown time was ~4.5 seconds.

It should be mentioned that the assumed metal thickness in this study was
0.5 inch, which was slightly thicker than the majority of LH2 pump parts.
Therefore, the chilldown time and the hydrogen requirement for the uncoated
Mark 29 LH, pump should be less than the values obtained. Also, a mass flux
of 2 lb/in?-sec would be difficult to achieve under a tank-head start with

a tank pressure of ~32 to 40 psia. The system pressure dfop, as shown in
Fig. 117 of Ref. 7, limited the hydrogen flowrate. The best expected flow-
rate was that shHown in Fig. 117 of Ref. 7, which shows that the mass flux
was ~1.2 lb/in?-sec (based on the inducer flow area of 4.912 in?) after 60
seconds of system chilldown. Therefore, a faster chilldown would require

a proportionally higher tank pressure.
STUDY OF COATING TECHNIQUES

The primary purpose of this effort was directed toward the development of

insulative coatings for internal surfaces of LH, turbopumps. Cryogenic

insulation coatings, to be successful, must havz low thermal conductivities
and coefficients of expansion, must adhere to the metal substrates under
vibrating conditions at liquid hydrogen temperatures, and must not erode
under the high-flow environments encountered in high-performance LH2 pumps.
Furthermore, the techniques for applying the coatings must not deteriorate

the coating or the metal substrates of titanium and Tens-50 cast aluminun.

After extensive investigations of candidate coatings and processing tech-

niques, two generic families of materials were selected for the coating of
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prototype hardware. The materials selected were: a conventionally applied,
glass-microballoon filled, Kel-F dispersion material (KX 635), and a plasma-

sprayed epoxy material.

An extensive literature search was conducted to review the work performed
by other investigators in the field of coating techniques and potential
coating materials. Emphasis of this search centered on the thermal and
physical properties of various materials at ambient and cryogenic tempera-
tures. Coéting application techniques, including plasma-spray deposition
of organic resins, also were investigated. The feasibility of coating com-
plex geometric shapes, the possibility of material degradation (either sub-
strate or coating) using these processing techniques and the adhesion prop-

erties between the coating and metal substrate were investigated.
Literature describing modifications of conventional application techniques
of dipping and spraying and subsequent fusing of the applied materials also
was studied and is presented in Appendix A,

DEVELOPMENT OF COATING TECHNIQUES

KX 635 Coating

The study of coating techniques revealed that glass-microballoon filled,
Kel-F dispersion coatings (KX 635) showed the best potential for internal
insulative organic materials for cryogenic temperature applications. One
of the largest reported unresolved problem areas was lack of consistent
coating adhesion during static and dynamic flow tests at cryogenic tempera-
tures. Further, substrate processing requirements necessary to develop
good coating adhesion had to be modified for the individual metal alloys.
Initial attempts were to solve these problems on an individual basis al-
though coating adhesion, precoating preparation, and thermal processing
problems were related. The following sections present Rocketdyne's approach
toward solving the problems relating to coating adhesion and substrate

processing during coating application and development,
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Adhesion of Coating. Loss of coating adhesion may occur when the material

is applied to an improperly prepared substrate or when the thermal strain
differential between the substrate and the coating exceeds the strain cap-

ability in the coating at the operating temperature of -423 F.

Reduction of Thermal Strains. Modifications were made in the composition

of the basic KX 635 material to reduce its thermal contraction further,
Basically, fillers were added to the as-supplied KX 635 material to lower
the thermal contraction of the composite coating. Additional quantitites
of glass microballoons were added to the material, and Lithafrax 2121 (a
powdered grade of lithium aluminum silicate, which has a negative thermal
coefficient of expansion) was evaluated. These fillers were added individ-

ually and in combinations to the KX 635 materials.

In addition to the reduction in thermal contraction, two empirical criteria
were established for determining the maximum filler loading of the KX 635
dispersion material, First, fillers were added until the material could
not be practically applied by conventional spray-coating techniques to metal

substrates representative of the geometry of LH, turbopump parts that would

have to be coated. Also, even if a coating witﬁ extremely low thermal con-
traction values could be successfully sprayed on all of the proposed parts,
the cured coating had to have enough resin to be reasonably tough, have
sufficient low-temperature ductility, be smooth or capable of being smoothed,
and be resistant to erosion caused by contact with high-velocity cryogenic

fluid flow.

High solvent contents were evaluated to reduce the viscosity and make it
~easier to épray the heavier filled materials., However, the higher solvent
content resulted in greater coating shrinkage during cure of the coating.
These prestressed coatings tended to separate more easily from the primed
substrate during cyrogenic thermal cyéling than did the material without
solvent addition. Filler loadings greater than 16.5 parts per hundred (pph)
glass and 16.0 bph'Lifhafrax would have reduced the contraction of cured
coatings further. However, they resulted in materials so viscous that they
could not be applied using normal spray-coating techniques. Quantitative

contraction measurements were not obtained for these heavily loaded materials.
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Figure 32 shows the total contraction from ambient temperatures down to

-423 F of several of the most promising materials based upon KX 635, along
with comparative data for titanium and aluminum. These preliminary data
for the modified materials were obtained using replicate determinations and
nonstandard dilatometric samples. Therefore, the values may be slightly

in error. For comparative purposes, however, the effect of adding fillers
to Kel-F resins is clearly shown. For example, the total contraction from
70 to -423 F for Kel-F 81 resin is approximately 0.0105 in./in., while the
standard KX 635 (with about 11.5-percent glass microballoons and a total
solids content of 60 percent) has a total contraction over the same tempera-
ture range of 0,0066 in./in. The addition of 5 pph glass microballons further
decreases the contraction to 0,0047 in./in., while the addition of 16 pph
Lithafrax reduces the contraction to 0.0044 in./in. The combination of 5
pph glass plus 16 pph Lithafrax added to the standard KX 635 resulted in
essentially an additive effect, with the total contraction reduced to 0.0033
in./in. from 70 to -423 F, The contraction for this material may be seen

to be less than that of the Tens-50 aluminum casting alloy frequently used
for cryogenic turbomachinery applications. Table 7 summarizes the data
obtained for the KX 635 based coating materials regarding their total solids
content, quantity of low contraction fillers added, percentage of solids
composed of low contraction fillers, and the total contraction from 70 down

to -423 F for each of these materials.

Substrate Preparation and Processing. The importance of preparing substrates

for subsequent coating application cannot be over emphasized. In general,
this preparation inclﬁdes cleaning, chemical etching or abrasive blasting,
and priming. The coating is then applied and cured to the previously pre-
prepared substrate. Because of potential strains resulting from the low-
temperature operating environment and the inherent brittleness of the coat-
ings at cryogenic temperatures, these preparatory processing steps must be

meticulously followed if the coatings are to be successfully utilized.

Two metal substrates, a titanium alloy (Ti~-5A1-2.5Sn), and an aluminum

casting alloy (Tens-50), commonly used in the fabrication of LH, turbopumps,

2
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TABLE 7

COMPARISON OF KX 635-BASED MATERIALS

TO KEL-F RESIN

Total Amount of Low Total

Solids, Quantity of Contract Fillers | Contraction

Percent Fillers Added, | In Total Solids, {70 to -423

Description |by weight pph percent F,in./in.
Kel-F 81 100 0 0 0.0107
KX 635 60 11.5 glass 19 0.0066
(standard) microballoons
KX 635 + 62 16.5 glass 26.5 0.0047
Microballoons microballoons
KX 635 + 65,5 11.5 glass 42 0.0044
Lithafrax microballoons
16.0 Lithafrax

KX 635 + 67 16.5 glass 48.5 0.0033
Microballoons - microballoons

+ Lithafrax

16,0 Lithafrax

were utilized during this phase of the coating evaluation program.

Each

of the materials had unique problems that had to be solved before organic

coatings for cryogenic service could be applied to them.

A discussion

describing the processing techniques developed for each of the materials

is presented below.

Titanium.

for bonding or coating than it is for aluminum.

It is much more difficult to prepare the surface of titanium

Because this was basically

an experimental program, the usual prebonding, nitric-phosphoric acid etch

of titanium was not used for completed components.

Therefore, the surface

was solvent wiped with a thermally degreased Ketone at 675 *25 F and grit

blasted with new 100-grit garnet.

For normal coating applications, KF 7 640 dispersion primer would be applied

and cured to this freshly prepared titanium surface.
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through simple cryogenic tensile tests of coated titanium samples (described
below), that additional processing steps were required to prepare the titanium

for the KX 635-based coating systems.

The following sequence was used to develop a reliable bond at cryogenic tem-
peratures between the coating and the prepared titanium surface. By defini-
tion, ‘this joint had to have sufficient cryogenic strain capability to remain

bonded to the metal surface up to the yield strain point of the titanium.

First, titanium tensile samples were prepared with the primer applied directly
to the clean, grit-blasted surface and cured at 500 F. Subsequently, the
samples were coated and fused using the KX 635-based materials. Tensile

tests at -320 F indicated that the primer tended to separate from the titan-
ium before its yield point was reached. A complete adhesive separation
occurred between the grit-blasted titanium surface and the coating primer,
regardless of which filler combination was utilized. This indicated that

the thin primer layer with a contraction rate similar to Kel-F 81 resins

could not absorb the total cryogenic differential strain between itself

and the titanium substrate.

An inorganiq, bonded, aluminum coating on the titanium was then evaluated
to reduce the thermal strain at cryogenic temperatures between the metal
substrate and the insulative coating system. Coated tensile samples were
made and tested at ambient and cryogenic temperatures with this aluminum
coating on the titanium substrate. Results indicated that there was still
an adhesive separation between the aluminum coating and the KF 640 primer.
However, it was observed that there was an extremely thin aluminum film

on the botfom of the primer layer. Visual examination of the inorganic
bonded aluminum surface under 15X magnification indicated that there seemed
to be a somewhat nonadherent film on the aluminum surface. Subsequently,
it was found that this film could be removed by pneumatically peening the

surface with fine giass beads.
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The final, successfully used treatment of titanium for this insulation
program, therefore, included these steps. The titanium was solvent cleansed,
thermally degreased, and grit blasted as previously described. A single
layer of inorganic, bonded aluminun coating was then applied and cured at

650 F. Finally, the nonadherent surface film was removed by glass-bead

peening.
Titanium tensile samples made using these precoating procedures were success-
ful in meeting the ambient and cryogenic temperature strain capability of

the total metal-coating system.

Aluminum Preparation. Tens-50 aluminum specimens were prepared for

subsequent coating using standard adhesive bonding preparation techniques.
The surface was solvent cleaned and grit blasted similarly to the titanium
samples. However, the thermal degreasing cycle was omitted because it would
anneal the heat-treated aluminum. After grit blasting, residues were re-
moved from the surface using GN2. The KF 640 primer was then applied and
cured similarly to the titanium, except that the temperature was reduced

from 500 to 470 F to minimize the deterioration of the heat treat condition.

The sensitivity of heat-treated aluminum to the temperatures required to

fuse the various organic coating systems was a limiting factor in the selec-
tion of coatings for aluminum alloys. Earlier work (Appendix A) using KX 635
required cure schedules that annealed the aluminum alloys. During a previous
coating program at Rocketdyne, a cure schedule for KX 635 was developed that
permitted a coating deposition of approximately 1/8-inch thick while main-
taining a T-710 heat treat condition on Tens-50 aluminum. By controlling
cure temperature, cure time, and solvent evaporation schedules, coating
thickness per cycle was increased from the 0.020 inch (recommended by the

supplier of the material) to approximately 0.060 inch.

Plasma Coating Systems

Material Selction. The following materials were selected for study based

on their availability as plasma-spray powders and physical and mechanical
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properties:

Resins

Polyamide, Zytel 101

Epoxy, 800 F

Chlorinated Polyether, 803 F (Penton)
Polyethylene, 807 F

Kel-F 6061

Pigments and Fillers

Titanium Dioxide, R-900
Zinc Oxide, SP-500
Lithafrax 2121

Proéessing Technique. 1In the plasma-spray process, powders of the desired

coating materials are fed via a carrier gas (argon) into a plasma-arc flame
where they are then propelled in the molten state onto the substrate. The
molten particles are quenched on contact with the cooler substrate, and a
solid film results. The molten particies conform to the contour of the
surface, providing intimate contact and correspondingly good adhesion.
Generally, more surface contact area is obtained by blasting the surface

with a coarse grit (20 mesh) prior to spraying.

The optimum molten state of the particles is determined by trial and error.
The flame temperature is controlled over a wide range by varying the power
input (voltage and/or amperage). Generally, the lower the melting point of
the material being sprayed, the lower the power requirements. The molten
stage also can be controlled to some extenﬁ by varying the torch-to-specimen
distance, i.e., the farther away, the cooler the particles will be on impact.
A third method of controlling the molten state to some degree is the location
of powder feed into the plasma stream., For lower melting materials, partic-
ularly plastics, the front electrode is designed to feed the powder into the
stream well ahead of the gun where the flame is relatively cool. Higher

melting materials are fed into the stream either at the nozzle exit or even
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through a port on the inside of the nozzle. For example, better Kel-F
coatings have been reported when using a high-velocity electrode, which
has an attachment for feeding the powder at the exit of the electrode,
rather than when using the standard plastic electrode. Other methods of
controlling the molten condition of the particles are by varying the arc-
gas flowrate, the powder-gas flowrate (whether the particles are fed into
the center or edge of the plasma flame), and the type of arc gas (for its

heat capacity, ionization properties, etc.).

Frequently, the best coatings may not be obtained with the optimum control

of the above variables because of oxidation of the particles by the surround-
ing air. Also, rapid quenching of the particles on impact results in the
deterioration of physical and mechanical properties of the coating (thermal
cracking and spalling). Other controls such as spraying in an inert atmos-
phere and preheating the substrate at a higher temperature are used to reduce
or eliminate these effects. Most plastics require some degree of substrate

preheating for proper coating properties.

Fabrication and Test of Coated Samples. A Plasmatron SG-1 plasma gun was

used throughout the program. Most coatings were deposited with standard
plastic-spray electrodes; however, Kel-F and pigmented (or filled) Kel-F
coatings were sprayed using high-velocity electrodes. A venturi-type

feeder-hopper and a Plasmatron Roto-Feed hopper was used for applying the

epoxy coatings to the test specimens.

All substrates sprayed were first grit blasted with 20-mesh aluminum. Thermo-
couples were attached to the back side of thermal cycle test panels so that
some control of substrate temperature could be maintained during processing.
Pure powders, as were some mixed powders, were fed into the plasma flame
through the feeder hopper without any previous processing. Later in the
program, pigmented (or filled) powders were ball-milled for 12 hours and

then sieved to various size ranges. The type of feeder system and parameters

used for each powder are shown in Table §.
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Thermal shock tests were run on 1 by 6 inch panels as part of fabrication
process development. The objective was to establish the optimum spraying
parameters to produce coatings which could survive 10 cycles of heating

to 200 F and quenching in LN2 followed by impacting the specimen while
still at approximately LN2 temperature after the tenth cycle. The results

of the thermal cycle study also are shown in Table 8.

Familiarization tests were conducted with nylon (Zytel 101 polyamide) powder
(tests No. 1 and 2 of Table 7 ) to check out the equipment and the operator.
Only this powder and the 6061-T6 aluminum alloy panels were available at

the initiation of the program. The results were encouraging in that the
coating did not flake or spall during application, but there was some
evidence of particle deterioration. Sagging was caused by inadequate con-

trol of other variables.

The second series of tests (No. 3 through 7, Table 7 ) were conducted on

an epoxy (800 F), a chlorinated polyether (Penton, 803 F), and polyethylene
(807 F), all locally available from the Plasmadyne Corporation. The spray-
ing parameters were those recommended by Plasmadyne, except that a Roto-
Feed hopper was not available at the time. A substrate temperature of 300
instead of 500 F also was used for polyethylene because the substrate was
Tens-50 aluminum alloy. As indicated in Table 7, the epoxy performed

best, even though fine cracks formed during temperature cycling.

A review of available linear expansion data showed that thermal expansion
coefficients for organic resins and plastics are some 10 to 20 times those

of Tens-50 aluminum alloy and 5A1-2.55n titanium alloy (Table 9).

Differential expansion was, therefore, expected to be a problem because
coatings were applied on preheated substrates. The fine cracks observed
during the thermal shock tests on the pure resin coatings were attributed,

in part, to differential expansion.

The effects of differential expansion could be lessened by mixing the
resins with pigments or fillers having lower coefficients of expansion

than the metal substrates. Therefore, titanium dioxide, Xinc oxide, and
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TABLE 9
APPROXIMATE THERMAL EXPANSION COEFFICIENTS

Coefficient of Expansion,

Materials 10'7 in./in./F

Resins and Plastics

Epoxy 330

Polyester 450

Polyamide (Nylon) 480

Clorinated Polyether 660

(Penton)

Polyethylene 1050
Metal Substrates

Titanium Alloy 53

Tens-50 Aluminum Alloy 120
Pigments and Fillers 4

Lithium Aluminum Silicate -5

(Lithafrax)

Zinc Oxide , 18

Titanium Dioxide 42

lithium aluminum silicate (Lithafrax) powders were mixed 1 to 4 parts

resin by volume, and the thermal shock tests repeated. Information obtained
from Janowiecke and Willson indicated that this ratio and special powder
preparation (ball milling and sieving) produced promising coatings by the

plasma-spray process.

The spraying parameters and thermal shock test results on the mixed-powder
coatings are shown in Table 10. As expectéd, the addition of pigment or
filler reduced the amount of cracking. The coatings selected from Tables
9 and 10 for further study were the pure epoxy and epoxy filled with
Lithafrax 2121. The epoxy not only produced better looking coatings with
fewer cracks, but could be deposited on cooler substrates, a factor of
importance when considering the size and configuration of actual turbopump

components to be coated.
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Epoxy pigmented with TiO2 performed equally well as epoxy filled with
Lithafrax 2121; however, the latter was chosen because of its negative
expansion coefficient. It was considered that a closer match in thermal
expansion (or contraction) between the coating system and the substrate

would be beneficial on actual components under dynamic conditions.
Tensile and flexure test specimens were subsequently coated with epoxy
and Lithafrax-filled epoxy, and the latter was plasma sprayed onto a sec-
tion of a Mark 29 LH, turbopump inlet for testing.

COATING EVALUATION

Physical and Thermal Property Testing of Coatings

Modified Kel-F and Plasma-spray deposition coated, standard test samples
using both Tens-50 aluminum and Ti-5A1-2.5Sn titanium unnotched test bars

in accordance with ASTM D-671 were thermally and physically tested using
cryogenic cycling, flexural fatigue, and tensile strain tests. In addition,

contraction tests on modified Kel-F dispersion samples were conducted.

Cryogenic Cycling Tests

Cryogen cycling consisted of cycling representative standard test samples
from -320 to 200 F for 10 cycles and visually observing any crazing or

any separation of the coating from the metal substrate. The -320 F temp-
erature was achieved by placing the test samples in a dewar flask filled
with LNZ. After attaining the required -320 F temperature, each sample

was examined for surface irregularities. Each sample was then placed in

a 200 F, thermostatically controlled, forced-convection ®ven. After reach-
ing this maximum temperature, each sample was again examined for any coat-
ing irregularities that may have occurred during the thermal cycling pro-
cess. Cycling continued until crazing or loss of adhesion of the coating

was noticed, or until the maximum of 10 cycles was completed.
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All standard test samples with a modified Kel-F coating that were success-
fully completed in the cycling process are listed in Table 11. Several
types of plasma-spray deposition samples crazed during cycling and were
eliminated from further testing. Only two different epoxy coatings that
exceeded the cycling test requirements were retained for further testing

on both aluminum and titanium test bar specimens (Table 11).

Tensile Strain Tests

Tensile tests using the Instron Universal test machine at a crosshead

speed of 0.05 in./min were performed at 77 and -320 F on the coated speci-
mens that had previously passed the cryogenic cycling test. Three test
bars with each coating were tested at -320 F, and two bars were tested at
77 F. Each coated metal bar was visually examined after testing for any
crazing of the coating or any separation of the coating from the metal sub-
strate as the strain was applied. No coating irregularities were exhibited
until the yield point of the metal substrate was reached and when the metal
substrate began necking down. On most specimens, the metal substrate had
failed and, on some specimens, crazing, cracking, or lifting of the coat-

ing was due to the failure or yielding of the metal itself (Fig. 33 and 34).

The four different, modified Kel-F coatings on the aluminum substrate
successfully met tensile strain test criteria (Table 11 and Fig. 34). In
general, the modified Kel-F coatings on titanium exhibited few irregular-
ities. The modified Kel-F coatings (consisting of the KF 640 primer, the
KX 635, and microballons and/or Lithafrax) tended to separate between the
primer and the titanium metal (Fig.35 and 36). Addition of the inorganic,
bonded aluminum coating to the titanium before the primer seemed to alle-
viate the adhension problem in some samples (Fig. 37) while, in other
samples, it did not help (Fig. 38 and 39). However, samples having the
peened, inorganic, bonded aluminum coating had no adhesion problem (Fig.
40 and 41) between the titanium surface and the coating itself. Compar-
ison of Fig.39 and 41 shows identical coatings, Fig. 41 having the
peened, aluminum coating and Fig. 39 having no aluminum coating. No ad-

hesion loss occurred between the coating and the titanium metal in Fig. 41,
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Fipgure 33

Test Temperature: -320 F
Base Metal: Ti-5A1-2.5 Sn
Coating Type: FEpoxy -~ B

"Crazing" due to metal
substrate failure,

Figure 34

Test Temperature: -320 F
Metal Substrate: Tens-50 Al
Coating Type: KX 635-A

Cracking due to metal
substrate failure.

Figure 35

Test Temperature: -320 F
Metal Substrate: Ti~5A1-2.5Sn
Coating Type: KX 635-A

Evidence of loss of adhesion.

Figure 36

Test Temperature: -320 F
Metal Substrate: Ti-5A1-2.55n
Coating Type: KX 635-F

Evidence of loss of adhesion.
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Figure 37

Test Temperature: -320 F
Metal Substrate: Ti-5A1-2.5 Sn
Coating Type: KX 635-E2

Evidence of good adhesion.

Figure 38

Test Temperature: 77 F
Metal Substrate: Ti-5A1-2.5 Sn
Coating Type: KX 635-E

Evidence of loss of adhesion

Figure 39

Test Temperature: -320-F
Metal Substrate: Ti-5A1-2.5 5Sn
Coating Type: KX 635-H

Evidence of loss of adhesion.

Figure 40

Test Temperature: -320 F
Metal Substrate: Ti-5A1-2.5 Sn
Coating Type: KX 635-G

Evidence of good adhesion.
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Figure 41

Test Temperature: -320 F
Metal Substrate: Ti-5A1-2.5 Sn
Coating Type: KX 635-K

Evidence of cohesive failure.

Figure 42

Test Temperature: -320 F
Metal Substrate: Tens-50 Al
Coating Type: Epoxy - A

Evidence of cohesive failure.

Figure 43
Test Temperature: -320 F
Coating Type: KX 635-C

Typical flexural fatigue test
sample showing no irregular-
ities after 100,000 cycles.

Figure 44
Test Temperature: -320 F
Coating Type: Epoxy-A

Typical flexural fatigue test
sample showing no irregular-
ities after 100,000 cycles.




as compared to Fig. 39. Loss of the remainder of the coating in Fig. 4]
was similarly due to a cohesive material failure rather than an adhesive

failure as described above.

During examination of the epoxy plasma-spray coatings listed in Table 11,
it was found that crazing occurred when the yield point of the metal sub-
strate was reached, resulting in a cohesive material failure rather than
an adhesive failure on both the titanium and aluminum test bars (Fig. 42
and 33).

Flexural Fatigue Tests

Flexural fatigue specimens were tested at 77 F and -320 F with a total
deflection of 0.10 inch using a Krause constant deflection flexural fatigue
machine modified with adapters for immersion in LN,. Visual examinations
of the test specimens were made at 2000, 10,000, 50,000 and 100,000 cycles.
A1l of the coatings submitted for tensile strain tests listed in Table 11
showed no material failures. Therefore, three test bars of each of the
coatings were submitted to fatigue testing at -320 F and two at 77 F test-
ing. No posttest irregularities were noted on any of the samples. Fig-
ures 43 and 44 show the appearance of a typical modified Kel-F and a
typical plasma-spray applied, epoxy-coated flexural test bar after 100,000
cycles at -320 F.

Contraction Tests

Contraction tests to -320 F were performed on three modified Kel-F disper-
sion materials using nonstandard dilatometric samples. These limited tests
were performed to obtain comparative data between these materials and sim-
ilar data for Kel-F 81, KX 635, titanium, and aluminum, Samples used were
approximately 2 by 3/4 inch by 1/8 inch thick., Measurements were made

using a dial indicator immediately after removal from LN The contraction

2.
test data with the above plate samples are presented in Fig. 32. Previous
standard contraction testing has been performed at Rocketdyne using a Leitz-

Wetzlar dilatometer with cylindrical samples immersed in the cryogen.
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COATED PUMP TESTS 1IN LH2

Those coating materials found most promising during the coating evaluation
tests were selected for coating of hardware of a prototype J-2S turbopump.
The coated parts were then evaluated in LH2 turbopump hot-fire tests.
Three parts from a J-2S LH, turbopump (S/N R006-0 and R002-2) were coated
with organic coatings and tested under actual operating conditions. The
three parts included the inducer fairing, inlet, and inducer which were
all fabricated from 5 A1-2.58n titanium alloy. These parts were selected
to evaluate coating material and processing problem areas that would have
to be solved before coatings could be considered for production parts.
Although no aluminum turbopump parts were coated, no coating problems are
anticipated because: (1) thermal cycles for application and fusion of
both conventional and plasma-spray coatings have been developed that do
not deteriorate the heat treat condition of aluminum alloys; (2) aluminum
contracts more than titanium between ambient and cryogenic temperatures.
and, therefore, less thermal strain is applied on the coating; and (3)
because there were fewer adhesion problems with the coated aluminum samples

tested than with titanium.

The inducer nosepiece fairing presented an opportunity to evaluate an in-
sulative coating on the outside diameter of a high-speed rotating part
with simple contours. The inlet was selected for evaluating organic
materials as insulative coatings of an ID cylindrical static member.
Coating the external surfaces of the inducer, however, presented a much
more difficult problem. The geometry of the part was more complex and
resulted in severe coating application problems. In addition to the
coating problems, the thermal strain requirements of the coating at cry-
ogenic temperatures were more difficult for complex geometries. Finally,
the coating has to withstand both the high-velocity fluid as well as the
dynamic rotating forces including hydrodynamic blade loading, vibration,

and centrifugal forces.
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Inducer Nosepiece

The titanium inducer nosepiece from the Mark 29 LH2 turbopump was the
first prototype hardware coated and tested. Figures 45 and 46 show
the part prior to and after coating. The nosepiece was coated with the
5-percent glass-microballoon, KX 635-modified coating in accordance with
previously established techniques. The coating thickness was a nominal

0.020 inch.

The coated inducer nosepiece was installed in a high-performance Mark 29
turbopump (E/NRO06-0) and subjected to five hot-fire tests at CTL-3, cell
45B, Santa Susana Field Laboratories. Total time accumulated on the coated
hardware was 1365 seconds; the test summary is presented in Table 12.

The first test was conducted at a turbopump maximum speed of 31,750 rpm
and 415 seconds duration. Four subsequent tests at maximum speeds in
excess of 34,400 rpm were conducted for an additional 950 seconds dura- -
tion. This spéed corresponds to a maximum surface speed of ~475 ft/sec
for the coated inducer nosepiece. The inducer nosepiece was removed from
the turbopump and installed along with two other coated parts (inlet and
inducer) iﬁ the Mark 29 LH2,turbopump S/N R002-2 for additional LH2 hot-
fire testing. Eight tests, accumulating an additional 1221 seconds dur-
ation (Tabie 12), were compiled, which brought the total test time to
2586 seconds (43 minutes). These eight tests were comprised of various
turbopump operation test conditions including steady-state, low NPSH,

seal evaluation, and SPTS starts.

Inducer Inlet

The titanium inlet ID of the Mark 29 LH2 pump was coated with three dif-
ferent organic materials. Each material was coated in a complete cylinder
to obtain the effects of the differential coefficients of contraction
between the organié materials\and the metallic substrate.

The first material on the upstream side of the inducer was plasma-coated
with an epoxy resin filled with 20 percent by volume Lithafrax. Limita-

tions governing spraying angle, as established during the processing
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development portion of this program, made it easier to plasma spray the
upstream portion of the inlet. The land area directly preceeding the ID
of the inlet also was plasma sprayed with the filled epoxy material in an
attempt to prevent the coating leading edge from being lifted by the flow
of fluid. |

The two other materials applied to the inlet were the modified Kel-F ma-
terials. The second material applied adjacent to the epoxy coating was
a KX 635 Kel-F dispersion coating with a nominal 5-percent microballoon
filler. The titanium surface was prepared in accordance with processing
~ techniques acquired under the development of coating techniques effort.
The leading edge of the coating was faired to eliminate the step in the

flow path of the fluid.

A third material was a Kel-F coating applied to the inlet. The material
was a KX 635 dispersion coating with nominal 5-percent glass microballoon
and 16-percent Lithafrax fillers. The material was butted against the
preceeding Kel-F material. The thickness of all coatings was a nominal
0.025 inch. The coated inlet was subjected to 10 static thermal cycles
(-320 to 77 F) without loss of adhesion between the organic coatings and
the metallic substrate. This part was then installed in the Mark 29 LH2
turbopump S/N R002-2 (Fig. 47) and tested as discussed above (Inducer

Nosepiece section).

Inducer Rotor

The final and most difficult piece of hardware to coat was the titanium
inducer. Because of the excellent results from the coated inducer fairing
tests, the same coating system was selected for the inducer. Application
difficulties were encountered during the first processing attempts when
the coating was sprayed onto the hub area. The particles rebounded from
the target area due to the small spray angle of incidence used for apply-
ing the heavily filled material into this confined space. Some of the
solid particles bounced off the hub and adhered to the blade surfaces
adjacent to the hub, which resulted in a cobweb finish. Furthermore, the
material tended to build up in thicknesses greater than the nominal values

established.
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The primary cause of this difficulty may be attributed to the sprayed
material being too heavily filled with the low contraction fillers. There
were insufficient Kel-F resin in the total mixture to produce a uniform,
cured coating with good cohesive strength. To minimize the particles from
bouncing and producing the cobweb finish, the spraying pressure was reduced.
This caused an inadequate impact force of the sprayed particles and the

target which resulted in a poorly compacted coating in the cured state.

Because the initial material used contained approximately 20-percent glass-
microballoon filler added to the base resin, the second inducer was coated
with a material reduced to l4-percent filler. By reducing the filler per-
centages, thinner and more uniform layers of the Kel-F material were
applied to the surface. This slight reduction in solid content also al-
lowed an increase in spraying pressures, which resulted in a more dense

and uniform coating. Good cohesive strength and proper thickness limits
previously established were obtained. The final coating thickness was a

nominal 0.05 inch on the hub and 0.010 inch on the blades.

Alternative coating application solutions were examined to reduce the
viscosity of the sprayed material by the addition of solvents. This tech-
nique would decrease the percentage solid content and allow an increase

in spraying pressures, which would produce a more uniform and dense coat-
ing. Samples were sprayed and examined, but because of the evaporation

of the additional solvents, a spongy coating finish resulted.

The second coated inducer was subjected to 10 low-temperature thermal

cycles in LN2 from -320 to 77 F without cracking or any apparent loss of
adhesion of the organic material to the metallic substrate (Fig. 48 and 49 ).
The inducer was installed in the Mark 29 LH, turbopump (S/N R002-2) and
hot-fire tested (Table 12).

ANALYSIS OF THE LH, PUMP COATING TESTS
Visual examinations were conducted for analyzing each of the three coated
titanium component parts. These observations were conducted when time was

permitted between the turbopump hot-fire tests.
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Coated Inducer After 10 Static Thermal Cycles From -320 to 200 F

Figure 49




The examinations for each of the coated parts are discussed separately

in the following sections.

Inducer Nosepiece

The coated (conventionally applied KX 635 with 5-percent microballoon
filler) inducer nosepiece (Fig. 46 ) was first installed and tested in
J-2S8 Mark 29 LH, turbopump (S/N R006-0). The first visual examination was
performed after completing test No. 41 (Table 12). The duration for this
test was 415 seconds, and the maximum speed was 31,750 rpm. The coating
was in excellent condition, and is shown in Fig., 50 . Four additional
high-speed, hot-fire tests were conducted at speeds up to 34,600 rpm to
complete the test program for this turbopump build. This maximum test
speed corresponds to an equivalent coating tip speed of 475 ft/sec. This
second examination revealed that the nosepiece remained in excellent con-
dition after the five tests which accumulated a total test duration of
1365 seconds (22.75 minutes). No loss of adhesion of the coating to the
substrate, cracking, spalling, or any other anomalies in the coating was
noted from the posttest condition. This nosepiece is shown posttest in
Fig. 47 in the Mark 29 LH2 (S/N R002-2). The turbopump was later reassem-
bled utilizing the coated inlet, inducer, and the inducer nosepiece. This
turbopump build was then hot-fire tested at the various test conditions
listed in Table 12. A visual examination was conducted after three LH,
turbopump hot-fire tests were completed with this build. The additional
duration for these tests was 459 seconds, and the maximum rotating speed
was 27,865 rpm. The coating was in excellent condition except for numerous

small nicks that were sustained from impact of foreign material.

Five additional tests which included low NPSH, SPTS start, seal evaluation,
and a steady state were conducted to complete the test program. The accumu-
lated total tests and test time were 13 runs and 2586 seconds (43.1 min-
utes), respectively. On completion of the testing, a visual examination

was conducted which revealed that the coating appeared in the same good
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condition as the preceding inspection. Figure 51 shows the posttest con-
dition of the coating. Note the small nicks that were attributed to the
impact of foreign material. Other than these small nicks, the coating
material was in excellent condition, showing excellent adhesion and cohe-

sion of the coating.

Inducer Inlet

The inlet coated circumferentially with: (1) the plasma-spray deposited
epoxy coating, (2) the conventionally applied KX 635 with 5-percent micro-
balloon filler, and (3) the conventionally applied KX 635 with 5-percent
microballoon and 16-percent negative coefficient of expansion material was
examined after the three hot-fire tests (459 seconds duration) were com-
pléted with Mark 29 turbopump S/N R002-2 . The observations obtained

are as follows:

1. Plasma Spray-Deposited Epoxy Coating. No material failure was

observed after the three pump tests. The small mud cracks that
developed during the intial thermal cycling did not propagate,

and there was no apparent loss of adhesion to the metal substrate.

2. Conventionally Applied KX 635 Plus 5-Peércent Microballoon Filler.

This coating was essentially intact. A slight removal of material
was noticed at the joint between the epoxy coating and the above
coating. The Kel-F material was feathered down at the joint, and
this apparent chipping of the coating was probably caused by the
erosive action of the high-speed fluid and is not a cause of con-

cern because the actual coating was in satisfactory condition.

3. Conventionally Applied KX 635, Plus 5-Percent Microballoon, Plus

16-Percent Negative Coefficient of Expansion Material. A cohesive

separation between the clear top coat and filled Kel-F coatings
was observed. The material, however, did not separate from the
metal substrate and maintained a continuous coating for 360 F.

The Kel-F dispersion material apparently had insufficient resin

content to maintain a satisfactory cohesive coating condition.
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The remaining five tests were completed and the accumulated total tests

and test time were eight runs and 1221 seconds (20.35 minutes), respectively.
The condition of the coatings did not deteriorate from that observed after
the 459 seconds of turbopump testing except for the plasma-sprayed epoxy
coating. A 2-inch piece about one-half the coating width was missing.

Figure 52 shows the coated inlet in the posttest condition.

Inducer Rotor

Visual examination of the coated (KX 635 plus 5-percent microballoon filler)
inducer, after the completion of the initial three hot-fire tests (459
seconds duration) with the Mark 29 turbopump (S/N R002-2), revealed that
approximately 80 percent of this coating was removed from the upstream side
of the inducer blades. The coating material failed adhesively, between

the inorganic, bonded, aluminized coating (sermetel) and the metal substrate.
The examination of the metallic substrate and residual coating material

found in the system indicated that the surface of the substrate was not

adequately prepared prior to application of the coating system.

The remaining five tests were completed and the inducer re-examined. The
condition of the coating did not deteriorate from that observed after 459
seconds turbopump testing. The observations and conclusions discussed
after the initial three tests on the condition of the coating material,

therefore, remains the same.

From the examination of the hardware, the following conclusions were made:

1. The preparation of the substrate should be improved prior to
application of the coating system. The surface seemed smooth
when compared to the relatively rough surface necessary for good

bonding of the aluminized intermediate coating to the titanium.

2. The thickness of the coating on the inducer hub was two to three
times that desired. This may have led to large thermal stains
and the initiation of cracks because of increased thermal con-
traction of the thick materials. The coating failure may have

been initiated from these cracks.
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The LH2 testing of the thermally coated, full-scale Mark 29 fuel
turbopump, operating under severe conditions, has been a relative
success. (The Mark 29 fuel inducer has encountered problems of
blade vibration and fatigue.) The results of static and flexural
tests on titanium and aluminum laboratory samples and actual hard-
ware have demonstrated the feasibility of bonding Kel-F and
plasma-sprayed epoxy thermal coatings successfully; however,
further refinement of the application process and technique will

be required.
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ITI: ENGINE SYSTEM ANALYSES

In this task analyses to investigate engine start for various engine pre-
conditioning and restart requirements were conducted. System precondit-
ioning, two-phase pumping capabilities, coating effects, and the analysis
of Saturn S-IVB stage fuel-lead chilldown were areas emphasized. A math-
ematical model of the engine was formulated and used in the study of engine
operation during start and restart. Transients predicted with the model
and results of the system study to evaluate liquid hydrogen pump improve-
ments are presented. A start sequence with fuel-lead thermal conditioning
of the J-2 engine system was analyzed to provide a backup start sequence

in the event the normal pump recirculation preconditioning system became

inoperative.

PUMP THERMODYNAMIC DESIGN LIMITATIONS

Various two-phase and inducer flow phenomena were studied and theoretically
analyzed. The theoretical predictions were compared with four sets of
test data. Blade blockage fraction and inducer leading edge incidence-
to-blade angle ratio are two factors that can limit two-phase pumping
capability and their influence on allowable inlet vapor volume fraction
was determined, Other factors that can limit two-phase pumping capability
are: inducer stator cavitation, choking in the annulus at the inducer
blade leading edges, and vapor recirculation. These limitations can be
avoided by: wusing thin stator blades with positive incidence at design
and uncambered leading edges; using an inducer inlet annulus large enough
to pass the flow during an equilibrium flow process through the pump inlet
area contraction upstream of the inducer blade leading edges, and avoiding

recirculation of any vapor through the inducer.

The above limits to two-phase pumping capability were used to determine
the best approach to design an inducer for operation with zero tank NPSH.

To minimize the required tank saturation pressure during design operation,




inducers should have large inlet diameters (low design flow coefficients)
and large blade leading incidence angles. However, the latter involves a
compromise with the range of two-phase pumping capability at low flow coef-
ficients. For a given design inlet flow coefficient, decreasing the design
rotational speed also reduces the required tank saturation pressure. Thus,

a low-speed inducer can be used to obtain zero tank-NPSH performance.

The limits to two-phase pumping capability were also used to estimate the
two-phase pumping performance of the Mark 15 liquid hydrogen pump and to
predict the effects of heat rejection from a warm pump on hydrogen pump
discharge pressure over a range of cold pump discharge pressures, The
results were used to analyze the feed system conditions that would be
encountered during iestart for the Saturn S-IVB stage during flights AS-504
and AS-505 (page 174). | ‘

Two-Phase Compressible Flow

Because the constant quality, two-phase flow process Mach numbers relative
to the inducer leading edgeIRMS diameters ranged between 0.5 and 2.0 for
the inducer test data analyzed, an analysis of two-phase compressible flow
was conducted to determine the conditions under which choking would occur
in the inducer flow passages. ' A constant-quality flow process was assumed
because, within an inducer, the flow velocities are high and the area
changes are relatively sudden. In addition, an isothermal gas (Eq. 18)
was assumed |

Py

il constant : (18)

rather than an isentropic gas (Eq. 19). This was done to simplify the flow

equations.,

Py
v 1

. (19)
PY
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An acoustic velocity check indicated that this is a reasonable approxi-
mation, In reality, some degree of vaporization and/or condensation will
occur and, therefore, the more compressible isothermal gas assumption could
approximate the real situation more closely than the isentropic gas assump-
tion., It is felt this is justified within the existing knowledge of single-

component, two-phase flow,

Equations 20, 21, and 22 are the basic flow equations used for the analysis

constant quality flow process with an isothermal gaseous phase.

1 - a,\/P . p
M2 - 202 [(}—-—%}(}Z~>- 1 + fn <;3;ﬂ
1 1 Q P P
2 1 1 1 (20)

M

2 P
) 2
[al + N (1 - @1)]
1
A P, M, \

ay = P71 - a (22)
2 1
1 + -—— .
1 < “1 >

For subsonic flow, M2 in Eq. 20 and 21 was set equal to 1 and the result-
ing equations (Eq. 23 and 24) were solved simultaneously to obtain the
choking area ratio as a function of entrance values of Mach number and

vapor volume fraction,

2
1 -0 1 -a *
2,2 A 131 LIE* _ 4\, >
I ‘[1 o <:~6E—->] 2 Bé_az__>(p1 1) gn (P1)]} (23)

A* Py .

AT ow M (24)
For two-phase mixtures of liquid water and gaseous nitrogen (which, of
necessity, follow a constant quality flow process), R. B. Eddington

(Ref. 16) proved experimentally that normal and oblique shock waves
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occur in constant quality two-phase flow. In addition, he obtained excel-
lent agreement with theoretical constant quality predictions in which the

gaseous phase was assumed to be isothermal,

Because most of the two-phase hydrogen pump test data were taken at

inducer inlet relative Mach numbers between 1 and 2 and because an inducer
blade may be considered as a wedge with an angle of approximately 2 degrees,
the normal and oblique shock wave relationships were developed to predict

the choking area ratio downstream of the inducer inlet,

The normal shock flow equations (Eq. 25, 26, and 27) for this type of

flow process are quite simple.

M, = 1M ‘ : (25)
2 ‘ _

P /P, = M (26)

o, = 1 27)

1 - o\
M12 5 1>+ 1
1

The choking area ratios are obtained by applying Eq. 23 and 24 to the

downstream conditions.

Equations 28 through 31 predict the flow characteristics across oblique

shocks in this type of flow process.

M = 1 ' (28)
sin o L [1 - tan (0 - §) |
@1 tan g |
M, = 1 (29)
2 M) sin o0 sin (0- &) )
P ) . .
2 = M 2 sin20 : (30)
p 1 )
1 ,
o, = . '
- Lo\ 2 2 (1)
1 +{———1M sin O
a 1 :
\ 1
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The geometry of an oblique shock wave is shown in Fig. 53. The corres-
ponding choking area ratios are obtained by, as with the normal shocks,

applying Eq. 23 and 24 to the downstream conditions.

Figure 54, which was generated from Eq. 23 through 31, illustrates the
flow characteristics across both normal and oblique shocks and the chok-
ing area ratios between Mach numbers of 0.3 and 3.0. For the oblique
shocks, a typical inducer blade leading edge wedge angle of 2 degrees

was assumed. Note that there are two oblique shock wave solutions for
each upstream condition at which an oblique shock exists. One solution
is a weak shock in which the shock angle 0 is small and the downstream
Mach number can be greater than 1.0. The other solution is a strong shock
in which the shock angle o is large and the downstream Mach number is
always both less than 1 and less than the weak shock value. As discussed
in Ref. 17, the proper solution is a function of the downstream flow

conditions,

The important conclusion to be drawn from Fig. 54 is that, between upstream
Mach numbers of 0.6 and 1.8 and for upstream vapor volume fractions up to
50 percent, 10-percent area contraction will cause downstream choking to

occur, this corresponds to A*2 being 90 percent of the entrance flow area Al.

Inducer Blade Blockage

The flow model that best predicts the limit to two-phase pumping capability
is the inducer blade blockage model. -Referring to Fig. 55, the minimum
static pressure is upstream of the inducer leading edge as long as the
inlet flow coefficient [which is the ratio of the inlet axial velocity (Cm)
to the blade tangential velocity (U) and is the tangent of the entrance
flow angle (B - iﬂ is low enough to permit the flow area within the inducer
to be greater than the entrance flow area (Fig.S55a). However, when the

combined effects of high flow coefficient and blade blockage cause the
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Flow Geometry for Oblique Shock Wave

Figure 53,
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a) LOW FLOW COEFFICIENT OPERATION

A2> Al’ P2 > P1

NPSH < Cm212g (IN HYDROGEN)

CAVITY

b) HIGH FLOW COEFFICIENT OPERATION

A2 < Al’ P2< P1

NPSH>>C,_%12g

Figure 55 1Inducer Inlet Flow Geometry at Low and High Flow Coefficient
Operations
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minimum flow area to be within the inducer blade passages (Fig.55b), the
minimum static pressure occurs within the blade passages and, consequently,

the inlet pressure must be great enough to force the flow through the blades.

This blade blockage limit is actually a choking limit. For example, assum-
ing an inlet pressure of 15 psia, an inlet velocity of 600 ft/sec, and

liquid flow at the inlet, an area contraction of only 4 percent (A2/A1=0.96)
would reduce the pressure to 0 psia if the flow remained liquid. This would
almost certainly cause a portion of the liquid to flash into vapor. Assum-
ing a constant quality flow process downstream of the flashing point and a
relative Mach number range of 0.6 to 1.8 (the two-phase pump test data range},
the corresponding values of choking area ratio (A2*/A1) are greater than 0.9
(Fig. 54, the normal shock curves approximate the Az*/A1 for this case) and,
therefore, a subsequent area contraction of less than 10 percent would

cause choking.

In the event that this type of flow follows an equilibrium flow process,
choking would occur as soon as the liquid saturation line was reached
because, for an isentropic expansion that crosses the liquid saturation
line and for inducer blade relative velocities that are currently used

(U >200 ft/sec), the maximum flow per unit area occurs at the saturation

line.

If the flow entering the blade row is two-phase, less than 10-percent area
contraction will also cause choking if the inlet relative Mach numbers are
between 0.6 and 1.8 (Fig. 54). An interesting feature of the two-phase
flow entrance condition is the resulting shock wave patterns. Assuming
operation at the design liquid flow coefficient, the effect of inlet vapor
volume fraction on two-phase flow coefficient, inlet relative Mach number,
pressure and suction surface wedge angles, and downstream-to-inlet area
ratio (Az/Al) are shown in Fig. 56 for a typical inducer operating condi-
tion. For vapor fractions over about 29 percent, a normal shock attached
to the pressufe surface was found to occur between 5 and 20 percent vapor
volume fraction, an oblique shock attached to the pressure surface was
found to occur between 20 and 43 percent vapor volume fraction, and an

oblique shock was found attached to the suction surface.
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Because the allowable 10-percent effective area contraction could be caused
by boundary layer growth, it may be concluded that, when the inlet flow is
saturated, choking is likely whenever the inducer inlet flow coefficient is
high enough such that the inlet flow area is equal to the geometrical flow
area within the inducer blades (A2/A1 = 1). This is true regardless of
whether the inlet flow is two phase or a saturated liquid. If AZ/AI is
less than 1, the pump inlet must be increased to avoid having the flow
reach its vapor pressure before it reaches the minimum flow area. Under
these circumstances, the pump inlet flow must be a pure liquid. By using

Bernoulli's equation and continuity and setting the internal blade pres-

sure P2 equal to the vapor pressure, the amount of NPSH required to avoid
choking becomes:
2g NPSH 2 2 Al i
T = _5_2___=¢+(1+¢>) ) - (32)
U B 2
where
él _ sin (B -~ i)
A, (1 - B) sinp (33)
¢ = tan (8 ~ 1) (34)

Using the Mark 25 inducer geometry and determining the cavitation param-
eter (r) at the inlet RMS diameter, the influences of blade blockage (B)
(Fig. 55bjand design incidence-to-blade angle ratio (i/B)des on Mark 25
inducer performance were determined (Fig. 57). It is apparent that
reducing B and increasing i/R will increase the flow coefficient at which

the blockage limit occurs.

As discussed before, two-phase flow will also choke when AZ/Al equals

1 and, therefore, the blockage limits on Fig. 57 also apply to the two-

phase flow coefficient, The volume flowrate of vapor that can be pumped
is equal to the difference between the volume flowrate at the limit and
the liquid volume flowrate. Writing this in terms of flow coefficient

ratios by treating the vapor as a void fraction,

¢
ok o= ] - L/Qdes (35)
¢*/¢des
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Therefore, the allowable vapor volume fraction decreases linearly from
100 percent at ¢L = 0 to 0 percent when ¢L = ¢*., Equation 35can be
reduced to much more basic terms by making a few simple approximations.
Because Al/AZ equals 1 at the blockage limit and because the flow angles

are small, Eq. 33 reduces to:

A . . .

g 1o
solving for (i/g)*,

(i/)* = B 37)
Therefore,

o tan {81 - G/e)*t . 1-B

bges  tanfB[l - (/B Jf — 1 - /By, (38)

Finally, substituting this into Eq. 35, the allowable vapor volume frac-
tion becomes the following function of liquid to design flow coefficient

fraction, design incidence-to-blade angle ratio, and blockage fraction:

oy, . 1
* <i)des lil ) (l/g) desj\

SRR 1- 8 / (39)

Using this equation and assuming operation at the design liquid flow
coefficient (based on liquid volume flowrate), the influences of blockage
fraction and inducer leading edge incidence-to-blade angle ratio on allow-
able inlet vapor volume fraction were determined (Fig. 58). As shown,

the allowable vapor fractions for existing high tip speed inducers could
be increased from 20 percent to 45 percent by redesigning at the maximum
leading edge incidence angle that will permit two-phase pumping. By
using a low speed inducer to minimize blade thickness, a further increase
to 55 percent should be possible. The operating regions for such a

design are shown in Fig, 59.
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Test Data Analysis

The theoretical predictions obtained from two-phase flow analysis were com-
pared with four sets of experimental test data for LH2 pumps and inducers.
Pertinent design and test data for three of these pumps and inducers are

listed in Table 13 in the order of increasing design flow coefficient.

The Mark 15 LH2 pump was tested in two-phase hydrogen at Rocketdyne under
the J-2X engine program. Two-phase hydrogen was generated by a Frantz
screen that was installed upstream of the pump inlet. The vapor fractions
were determined from measurements of pressure and temperature in the pure
liquid upstream of the screen and in the two-phase fluid downstream of the
screen. The test pump pressure-rise fractions are shown in Fig.60 and

61 as a function of inlet line vapor volume fraction and inlet line
hydrogen temperature.

The model Mark 29 LH, inducer was tested in water at Rocketdyne under the

2
J-2S engine program. No pump inlet vapor fractions were obtained because
these were cavitation tests and the test fluid was water. However, the
wide range of flow coefficients over which this inducer was tested pro-

vided an excellent illustration of the effects of blade blockage.

Rocketdyne's Mark 25 hydrogen pump was tested in two-phase hydrogen by

the Nuclear Rocket Development Station in Nevada (under the University .of
California Contract No. CTZ 39600-4). The method used to generate and
measure vapor at the pump inlet was similar to that used in the previously
discussed Mark 15 LH2 pump two-phase hydrogen testing. The resulting pump
pressure-rise fractions are shown in Fig. 62 as a function of inlet vapor
volume fraction, inlet saturation pressure, inlet liquid volume flowrate,
and pump rotational speed.

A NASA inducer (Ref. 18) was also tested in both LH, and two-phase hydrogen

2
at NASA Lewis Research Center. For the two-phase tests, vapor was gener-
ated upstream of the pump inlet by heating the inlet duct. The vapor volume
fractions and NPSH at the pump inlet were then obtained from the various

pump inlet measurements of pressure, temperature, and heating rate.

124




VN
$°8¢ 031 7°¥I
$66°0 03 ZI8°0
00Z°¥Z 03 00T°8T
0¢S°0T 03 06ZL
9°Ty 03 T°0V

o

9¢

81

S8°L

z2°0t

z01°0

VNd

0

6£°T 03 9970

zce9

00LT ©3 008

1Ue TquY

I23eM

0¢

(44

9579

§°L

SL0°0

p*0g 03 1°9
p*pz 03 0
$90°T 03 9960
0Lz LT

01£6 03 0LP8
7°9% 03 L°LS
o

6¢
1C
08°L
gL

§¢L0°0

auTT

g (uOTIBINOITOSY 20S/qT §°0 YITM) 0

ouT
qussxad ¢ Flo

YA
wdx ‘N

wd3 nqd

g U
pInId 3issl

jusdxad ‘xede] Axepunog
JUedI8d-0T Y3ITM)e3eoolg Speld

jueoxed ‘efedo01g SpeId

seyour qhm

sesx3ep nPu

sop mo@&
(szyc0 =9/ " 1) )

ST IBR

67 MIBW TOPOW

CHT ST MXel

I90oNpuj

(aueoasd (g6 = Aaq\mdv dSIY HdNSSadd NI SSOT
INADYAd-0T IV SIT0SHY IS4l ANV VIvVA NOISHA ¥IDNANI J0 AYVRWAS

¢T d414VL

125



Pump Pressure Rise Fraction AP/APliq

]-CO

0.96

0.92

0.88

0.84

0.80

1
———e. |
® | N
+ {
| | T~
' %
®
\ 4
Q = 8200 gpm 6? +__
N = 27270 rpm
4 Symbol | Line Temp, °R
- @ Max | min
J [40.8 | 41.2
® 42,7 43,2
4 |44.6 | 45.6
5 5 10 15 20 25

Inlet Line Vapor Volume Fraction, « 1 Percent

Figure 60. Mark 15 LH, - Pump Two-Phase Flow Data at a

Hydrogen F%owrate of 8200 gpm
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Pump Pressure Rise Fraction AP/AP
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Figure 61. Mark 15 LH2 Pump Two-Phase Flow Data at a Flowrate
of 8600 gpi
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"Figure 62  Mark 25 LH, Pump Tow-Phase Flow Data With Hydrogen




Inducer Blade Blockage

For the NASA inducer, correcting the liquid flow coefficient to account for
the inlet vapor fraction (Eq. 40) caused the two-phase data to fall on top
of the liquid data (Ref. 18).
¢
$ - L (40)

1 ~a

This supports the theory that the blockage limit is a function of flow
coefficient for either two-phase or liquid flow. The data crossed the
NPSH = Cm2/2g line at a flow coefficient of 116 percent of design, thereby
indicating that pump inlet pressurization above saturation is necessary to
operate at high flow coefficients and, therefore, this is the two-phase
pumping limit., These results support the blade blockage theory because
the 33-percent predicted value of blockage at the crossing point agrees
with the actual value (with 10-percent boundary layer). At high flow
coefficients, the data paralleled the 25-percent blockage predictions.
This, in turn, agrees with the zero boundary layer blockage estimate.

This variation in blockage is probably the result of less flow distortion
at high flow coefficients because the flow is entering the blade row more
directly (Fig. 55).

At high flow coefficients, the model Mark 29 LH, inducer data parallel the

27- to 3l-percent blockage prediction curves. %his agrees with the actual
blade blockage with 10-percent boundary layer rather than (as with the NASA
inducer) the zero boundary layer blockage value. Possible reasons for this
difference may be the thermodynamic suppression head effect in hydrogen

and the tapered hub effect on A2 for the Mark 29 LH2 inducer.

For the Mark 15 and the Mark 25 LH, pumps, the 10-percent loss in pump

2
pressure rise data points from Fig. 60, 61, and 62 are shown in Fig. 63
and 64, respectively. With the exception of the high flow coefficient
data points, most of the data fall between the zero and the 10-percent

boundary layer predictions.
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It may be concluded that, with the exception of the data points at the
high flow coefficients for the Mark 25 and Mark 15 LH2 pumps, the upper
limit to two-phase pumping capability is choking caused by blade blockage
limit (Eq. 39). As shown in Fig. 60, 61, and 62, the pump pressure rises
are dropping rapidly with increasing vapor fractions at 90-percent pump
pressure-rise fraction and, therefore, drop suddenly when choking occurs.
The data points that are exceptions in Fig. 63 and 64 are caused by stator

cavitation and inlet choking, respectively, that will be discussed below.

Stator Cavitation. For liquid flow coefficients greater than 103 percent

of design, the vapor fractions for the Mark 15 LH2 pump were found to be
much less than the predicted values (Fig. 63). Earlier high flow coef-
ficient cavitation data for the Mark 15 LH2 pump indicate that the inducer
pressure-rise fraction is unaffected by NPSH whereas the pressure-rise
fraction across both the inducer and its stator is strongly affected by
NPSH. Therefore, the deviation shown in Fig. 63 was probably caused by

stator cavitation.

For the Mark 25 LH2 pump, stator cavitation was not apparent in either
the two-phase testing or earlier cavitation tests in which testing was
conducted up to 130 percent of design flow coefficient. In the two-phase
testing, the inducer plus stator pressure-rise fraction followed closely

the inducer pressure-rise fraction.

It may be concluded that stator cavitation is an important consideration
when designing a hydrogen pump for two-phase flow and that the problem
can be alleviated through proper design. Rules for this stator design
are similar to those for an inducer, i.e., use thin blades with a posi-
tive incidence at design flow coefficient and with little or no camber on

the forward portion of the blade.

Inlet Choking. . The vapor. volume fraction for the highest flow coeffici-

ent data point for the Mark 25 LH2 pump (Fig., 64) is 14.5 percent rather

than the predicted value of 23 percent, As discussed previously, this
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was not the result of stator cavitation but was probably caused by choking
at the inducer inlet annulus. Assuming a constant quality flow process
through the pump inlet contraction, the choking limit would occur in the
inlet line upstream of the contraction. However, the inlet line equilibrium
Mach number was only 0.73, a value that, although higher than for any of

the other test points on either Fig. 63 or 64, is not enough to indicate
choking. Assuming an equilibrium flow process through the inlet annulus,
the choking limit would occur in the inducer inlet annulus. However, for
such a flow process, choking would have occurred with zero inlet line vapor

fraction, to say nothing of the 14.5 percent indicated in Fig.64 .

It may be concluded that some vaporization occurred as the flow passed
through the inlet contraction and that the deviation from theory of the
high flow coefficient data point on Fig. 64 was caused by choking at the
inducer inlet annulus downstream of the contraction. It may also be con-
cluded that, although the flow process through the contraction is probably
closer to constant quality than to equilibrium, equilibrium should be

assumed during design to ensure sufficient flow area.

Vapor Recirculation. Approximately 0.5 1b/sec of bearing coolant was recir-

culated through the inducer of the Mark 15 LH2 pump during the two-phase
tests. Because this recirculated flow was close to 100-percent vapor and
because the vapor at the pump inlet is the sum of this vapor and the inlet
line vapor, the allowable vapor fraction in the inlet line was severely
limited (Table 13), particularly at low inlet pressures where the recircu-

lated vapor occupies a large volume.

To avoid this limitation, all recirculated flows should be returned to
the main stream downstream of the inducer. The Mark 25 LH2 pump test
data were unaffected by this problem because the recirculated flow was

ducted overboard.
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Design for Zero Tank NPSH

The limits to two-phase pumping capability were used to determine the best
inducer design approaches for operation with zero tank NPSH. The three
basic limits to two-phase pumping capability are choking caused by inducer
blade blockage, incidence angle on the inducer blade leading edge, and
choking in the annulus just upstream of the inducer blade leading edges.
Choking caused by blade blockage (Eq. 41) provides the upper limit to the

vapor volume fraction that can be pumped.

¢L .
s (U7 070

max 1 -8B

(41)

When the incidence angle oﬁ the inducer bladefleading edge exceeds approx-
imately 60 percent of the blade angle, the required inlet static pressure
exceeds the vapor pressure and, therefore, the inlet flow must be a pure
liquid. This effect provides the lower limit to the vapor fraction than

can be pumped and is expressed by Eq. 42.

¢L [1 h (i/B)des]

min b des 0.4 ] (42)

For zero tank NPSH operation (saturated liquid hydrogen in the tank),
choking will occur in the annulus just upstream of the inducer inlet if
the vapor volume fraction exceeds approximately 50 percent (Fig. 65).
This provides an additional upper limit to the vapor pumping capacity for
systems in which the tank NPSH is zero. As shown in Ref. 7 , the choking
vapor fraction is less than 50 percent if the tank NPSH is greater than

zero and, if vapor is added by a warm inlet line, is greater than 50 percent.

For a design volume flowrate of 11,300 gpm and a design rotational speed
of 30,000 rpm, the effects of design inlet flow coefficient on vapor
pumping capacity are illustrated in Fig. 66 for design incidence to blade

angle ratios of 0.425 and 0.600. As shown, the solid envelopes surround
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INDUCER INLET VAPOR VOLUME FRACTION (d]), PERCENT

80 (a) Poes = 0.06; dp = 8.81" (b) oes = 0.08; d, = 8.00"

TANK Pv = 45 PSIA

Figure 66

150

LIQUID FLOW COEFFICIENT RATIO (¢L/¢D), PERCENT

Influence of Design Flow Coefficient on Inducer Two-Phase Hydrogen
Pumping Capability (Q = 11,300 gpm, N = 30,000 rpm, A= 0.375)
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the operating regions for (i/B)deS = 0.425 and the dashed envelopes sur-
round the regions for (i/B)des = 0.600. The choking due to blade blockage,
incidence,and choking in the inlet annulus limits are used in generating
these parametric curves. The average blade thickness was held constant.
The constant tank pressure lines are for equilibrium isentropic expansions

from the tank to the pump inlet annulus,

As shown, increasing the design incidence-to-blade angle ratio increases
the maximum vapor volume fraction that can be pumped and, consequently,
decreases the minimum tank pressure required for zero tank NPSH operation.
For example, at a design inlet flow coefficient of 0.08 and at design
point operation (Fig.66d), the maximum vapor volume fraction and minimum
tank pressure are 20 percent and 50 psia, respectively, for an (i/B)deS =
0.425 and 47 percent and 35 psia for an (i/B)deS = 0,600, However, for

a tank pressure of 30 psia, the minimum flow coefficient at which a two-
phase pumping capability exists increases from 60 percent of design at

an (i/B)des = 0.425 to 75 percent of design at an (i/B)des = 0.600.
Therefore, it is apparent that selection of the proper design value of
incidence-to-blade angle ratio requires a compromise between maximizing
the vapor pumping capacity (minimizing the tank pressure) and maximizing

the operating range at below design flow coefficients.

As also shown in Fig. 66, decreasing the inducer inlet tip diameter
increases the maximum vapor volume fraction that can be pumped. This is
because (for constant values of flowrate and rotational speed) smaller
diameter inducers have higher blade angles and, therefore, less blade
blockage. However, decreasing the diameter also increases the minimum
tank pressure at which the zero NPSH operation can be obtained, thereby
penalizing rather than improving the vehicle pressurization requirement.
For example, at an (i/B)des = 0.425, decreasing the inlet diameter from
8.81 inches (Fig 66q) to 7.00 inches (Fig.66d ) increases the minimum
allowable tank pressure from 40 psia to approximately 60 psia. For an

(i/B)des = 0.60, the same diameter decrease raises the tank pressure
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requirement from 20 psia to 50 psia. This effect is caused by the fact
that small diameter inducers have high flow per unit area requirements and
therefore require a high tank pressure before a given vapor fraction can
be pumped (Fig. 65 and 66). It may be concluded that large inlet diameters

should be used for zero tank NPSH applications.

During part speed operation at the same flow coefficient (i.e., Q«N),

the blade blockage and the incidence limits are the same function of
design‘flow coefficient as at high rotational speed. However, the inducer
inlet flow per unit areas will be lower, thereby reducing the inducer inlet
- vapor volume fraction (Fig. 65) and permitting the inducer to operate at
zero NPSH at a lower tank saturation pressure. This effect is shown in
Fig. 67. For exampie, at design flow coefficient, decreasing the rota-
tional speed from 30,000 td 10,000 rpm reduceé the tank pressure require-
ment for an inducer with an (i/B)des = 0.425 from 45 to approximately

10 psia. At an (i/B)des = 0,600, the corresponding tank pressure reduc-
tion is from 35 to less than 10 psia. It must be noted that for these

low pressures to be valid, the thermodynamic suppression head must be
sufficient to allow two-phase inducer operation. As shown in Fig. 68,

the thermal factor (which is proportional to thermodynamic suppression
head) decreases with vapor pressure, thereby reducing the capability of

the inducer to pump two-phase hydrogen at low vapor pressures.

Figure 67 also approximates the vapor pumping capacities of low-speed
inducers. For example, a 0.08 flow coefficient, 5780-rpm inducer designed
for the full flowrate of 11,300 gpm would have a tank saturation pressure
capability similar to that shown in Fig. 67c. In fact, such an inducer
would have a larger diameter because the tip speed and, consequently, the
blade thickness would be less. In addition, due to thermodynamic sup-
pression head effects, the lower tip speed would drop the minimum vapor

pressure at which two-phase pumping is possible.
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Prediction of Mark 15 LH2 Pump Vapor Capacity

The vapor pumping capacity of the Mark 15 LH2 pump was estimated by using
the results of the two-phase flow analysis (Eq. 41) to facilitate the
analysis of the S-IVB stage restart for Saturn flights AS-504 and AS-505.
The resulting allowable inlet line vapor-volume fraction is shown in Fig.69
and will vary with inlet static pressure because the bearing coolant flow
is recirculated through the inducer at a constant flowrate of 0.5 1lb/sec
and will be a pure vapor when it reaches the pump inlet. The inability of
the Mark 15 LH2 pump to pump two-phase flow at inlet pressures below

22.5 psia is attributed to either insufficient thermodynamic suppression

head (TSH) or choking in the inlet annulus.,

Prediction of Warm Pump Heating Effects

To provide warm pump performance characteristics for the engine start
analysis dand also to facilitate the analysis of the S-IVB stage restart
for Saturn flight AS-504 and AS-505, the effects of warm pump heating on
hydrogen pump discharge pressure were estimated over a range of design
(cold pump) discharge pressures (Fig. 70). As shown, adding heat to the
propellant as it passes through the pump will reduce the pump discharge
pressure. This occurs for two reasons: (1) heating reduces the propel-
lant density and, therefore, reduces the amount of pressure rise obtained
for a given energy input, and (2) heating increases the propellant volume
flowrate and, therefore, reduces the energy input because the slopes of
pump H-Q curves are generally negative. Also shown is that the effects
of heating are more severe if the propellant becomes two phase within

the pump. The reason for this is that vapor generation greatly increases
the volume flowrate and, therefore, greatly reduces both the pressure
rise per unit energy input and the energy input. As indicated in Fig. 70,
the slope of the pump characteristic curve (AH/AHdeS) versus (Q/Qdes)

is -2, Pumps with a more steeply-negative characteristic will have less

range than indicated and pumps with a flatter characteristic will have more.
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ENGINE START ANALYSIS

The object of this study is to determine the significance of thermodynamic
improvements in LH2 pumps in terms of overall engine system simplification
benefits. System preconditioning and two-phase hydrogen pumping capabil-
ities are areas emphasized. To aid in the evaluation of the influence of
pump improvements on system off-design operating characteristics, a sim-
plified mathematical model of the engine system was formulated and used

to study engine operating during start. The model is qualitative in the
sense that it does not represent a specific configuration, but it does
reflect most of the component operating characteristics prevalent in a
typical modern LH2/LO2 engine., The engine system analysis effort study

includes a description of the start model.

By first reviewing the analytical description of hydrogen turbomachinery
with two-phase flow and heat transfer, the equations and logic employed

in the start model are described. Typical transients predicted with the
model and results of a systems study to evaluate LH2 pump improvements

are presented. This includes aspects of pump modifications to improve
operation with an initially cold feed system and also with an initially
warm feed system considering inlet line and pump chilldown along with
pump insulations. Several areas require further work, which includes
formulation of analytical representation of a thrust chamber bypass line,
auxiliary turbine power sources, and thrust chamber tube chilldown effeéts
in the start model; start transient analysis of the effects of these addi-
tions; and additional analysis of pump operation during start with heat

transfer.

Hydrogen Turbomachinery Aspects

Two general turbopump operating regimes have been investigated. The first
considers hydrogen flow through the system is initially two phase but no

heat transfer occurs from the system to the fluid; and the second regime
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considers the fluid being pumped is two phase and is initially heated by

a warm feed system. The case without heat transfer is encountered primarily
when engine restart is attempted with a chilled system but with some residual
two-phase propellant remaining in the inlet line from the previous burn, or
when the engine is operated with very low NPSH such that the static pressure
of the flow in the inlet line drops below its vapor pressure causing partial
vaporization at the pump inlet. The second case (with heat transfer) is
encountered when engine restart is attempted without preconditioning after

a long coast when the system can reach equilibrium temperatures ranging
between -100 to 300 F,

Cold Feed System (No Heat Transfer). Studies reported in Ref. 19 theoretic-

ally describes flow characteristics and pumping capability with two-phase
hydrogen at the inlet of a cold pump and matching these predictions with
available experimental data. The conclusions of this study were that two-
phase hydrogen can be pumped by means of proper pump designs that avoid
inlet stator cavitation, inducer blade blockage, choking in the inlet annu-
lus, and vapor recirculation through the inducer. This allows very low
NPSH operation and/or mixed-phase starts. It was found that the basic
limit to pumping two-phase hydrogen occurs when the combined effects of
high flow coefficient operation and blade blockage cause the minimum flow
area to occur within the inducer blade passage. When this occurs, the

flow will choke, and the pump head will drop drastically.

At design liquid flow coefficient, allowable pump inlet vapor-volume frac-
tions of approximately 20 percent have been obtained experimentally for
blade blockages in the order of 30 percent. It is indicated in Ref. 19
that inlet vapor-volume fractions nearly three times this value can be
pumped at high speeds by means of proper inducer design which, among

other things, minimizes blade blockage. The manner in which the allowable
vapor-volume fraction due to inducer blade blockage varies with flow coef-
ficient from Ref, 19 is shown in Fig. 71. Pump pressure rise is equal to

that obtained with pure liquid flow up to this limit. The capabilities of
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current designs are included for purposes of comparison. Below design

flow coefficient, a stall 1imit also occurs for axial pumps and a stability
limit exists for centrifugal pumps. Above design flow coefficient, a zero-
head limit (i.e., ¥y goes to zero in the ¢ - V¥ curve) exists for both designs,
but $ is greater for centrifugal pumps. In general, reducing the design
incidence angle reduces the allowable vapor-volume fraction limit due to
blade blockage, such that the upper curve in Fig., 71 has a steeper slope

and intersects the abscissa at a lower flow coefficient.

Warm Feed System. The analytical description of pump operation when heat

is transferred from the pump surfaces to the fluid is accomplished by
assuming that the heat input to the flow results in a decrease in average
flow density, which effectively increases the pump flow coefficient. This
results in a reduction in pump pressure rise in accordance with the char-
acteristics of the ¢ - Y curve for a given pump. The flow density within
the pump is determined by averaging the inlet and outlet flow densities.
The inlet flow and flow within the pump may be two phase as long as choking

or cavitation does not occur, as discussed earlier.

Typical results of a parametric analysis to determine warm pump operating
characteristics obtained are shown in Fig. 70. The slope of the ¢+

curve indicated in the figure represents an axial flow pump. For a cen-
trifugal pump, the slope of this curve is less negative and, hence, the
reduction in discharge pressure will be less with equivalent heat input.
Increasing the inlet pressure has a negligible effect on the results in

Fig. 70 if the design discharge pressure is high and the heat input is

low. However, if the reverse is true (i.e., operation is such that the heat
input is sufficient to vaporize a portion of the fluid), then the inlet
pressure can have a strong influence on the amount of vapor generated

within the pump and on the associated reduction in discharge pressure.

Engine Start Model

Development of a simple analytical model of a representative engine system
was completed to aid in the analysis of the effects of two-phase flow on

engine system operation during the start transient. A number of simplifying
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assumptions has been made to enable efficient computer solutions for para-
metric studies and, therefore, the model cannot be applied directly to
specific systems, Nevertheless, the salient operating characteristics of
a current engine cycle (tapoff) are represented, and the trends predicted
are expected to be valid for a wide range of applications. Geometry and
components are characteristic of the J-2S engine which is shown schemati-
cally in Fig. 72. The analytical description of this system is outlined
in the following paragraphs. Most of the equations used in this analysis
are normalized with respect to steady-state operating conditions. A norm-

alized quantity is indicated by an overbar.

Controls, Simultaneous solution of the above equations at each instant
completely defines>off—design engine operation during the start transient.
This solution has been programmed for the digital computer with the aid
of an existing program called MIDAS, which permits digital simulation of
analog programming techniques. Operation of the model on the computer
begins by selecting and inputting a set of initial conditions such as
tank pressure, flowrates, pressures, valve areas, etc., along with known
transients such as valve areas and heat inputs. Engine operating cor-
responding to these conditions is then computed throughout bootstrap
operation to steady state. Desirable initial and controlled conditions
are determined by evaluating various transients on a trial and error

basis, similar to experimental evaluation of the system.

An investigation was conducted to determine valve sequences for the bésic
system in the model that prevent undesirable operational characteristics
during start, such as turbopump stall, excessive mixture ratio and cham-
ber>pressure overshoots, long starts, etc. In this evaluation, it was
established that rapid starts could be simulated by initially providing

high tank pressures and higher than nominal tapoff valve areas. An upper
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limit for the tapoff valve area was found to be fixed by pump instability
line considerations. Because of the relatively low turbine bypass flow
utilized in this case, it was found necessary to control mixture ratio

by means of a two-position main oxidizer valve downstream of the oxidizer
pump. In the model, positioning of this valve is determined on the basis
of computed mixture ratio. This control was also found to result in higher
flow coefficient operation for the fuel pump, thereby providing a more
favorable stability margin for this pump. Typical start characteristics
predicted by the model are illustrated in Fig. 73 . In this particular
case, a single-position oxidizer valve was found to be adequate for mix-

ture ratio control.

Simulated effects of two-phase pump flow and system chilldown have also
been investigated with the model using preliminary two-phase pump perform-
ance maps presented in Ref. 7. . Results of this study are reported in

Ref. 7.

System Analysis

This analysis was divided into two general categories to determine the
facets of engine operation which benefit most from turbopump improvements.,
The first concerns cases in which the engine system is thermally condi-
tioned and is depicted as a cold feed system. The second category con-
cerns cases in which engine start is attempted when feed system is warm.
As indicated earlier, two-phase flow can exist at the pump inlet in the
first case because of low tank NPSH or due to engine start with mixed-phase
residual propellants in the inlet lines. Therefore, two-phase pumping
capability should be beneficial to these facets of engine operation, but
because the conditions are strongly dependent on specific mission require-
ments and characteristics, analysis in this area was conducted primarily
by examining the benefits of pump and cycle improvements for existing

systems.
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Of primary interest in the second category are the effects of inlet line
and pump chilldown. In the area of inlet line chilldown, pump improve-
ments (to allow ingestion of increased amounts of mixed-phase flow) were
evaluated. The chilldown flow required to lower the inlet quality to
permit pumping was converted into payload losses for a typical mission.
Representative chilldown transients were obtained for this purpose from
a review of existing J-2 and J-2S data. Pump chilldown effects and the
benefits of insulation coatings were studied by superimposing the per-
formance curves in Fig. 70 on the ¢ - ¥ curves in the start model, and
determining the resulting engine start characteristics for various heat

inputs. Results of these studies are discussed in the following paragraphs.

Cold Feed System

Zero NPSH. 1In a preconditioned system, reductions in required tank NPSH
made possible by means of two-phase pumping capability are always bene-
ficial to the operation of a rocket engine system, but the magnitude of
these benefits depends strongly on the requirements and design of each
system. Most boost vehicles require some pressurization in addition to
pump NPSH requirements for structural reasons. This often prohibits com-
plete elimination of the pressurization system. However, reductions in
NPSH requirements do allow simplifications and reductions in the size

and weight of conventional systems, and in the length of required operat-

ing time,

In some instances, a reduction in pump NPSH requirements in conjunction
with certain other features provides more significant improvements and
simplifications compared to existing systems. This is the case with the
J-2S system as discussed in Ref.21 . In this design, heated hydrogen

is tapped from the cooling jacket and used to pressurize the fuel tank,
thereby eliminating numerous existing complex components such as heat
exchangers, helium bottles, associated plumbing, etc. The weight savings

associated with the improved system for the S-IVB has been estimated to
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be approximately 2130 pounds (Ref. 21). Of course, further reductions in
NPSH requirements via increased two-phase pumping capability will result
in a reduction in the amount of hydrogen pressurant required with some
increase in cycle efficiency, even for this advanced system. For these
reasons, low NPSH operation is currently a design goal for all known
LOZ/LH2 boost vehicles. The analysis presented in Ref., 19 indicates that
this can be easily achieved by means of improved inducer designs which

permit ingestion of two-phase hydrogen at the pump inlet,

Two-Phase Starts. Current studies seem to indicate that improved two-

phase pumping capability will improve mixed-phase start operation with a
cold feed system in most typical near-term applications. The current
Saturn vehicle uses a recirculation system to duct poor quality propel-

lants in the pump and inlet line back into the tank prior to engine start.

A simpler but less efficient backup technique as used in this application
consists simply of using sufficient fuel lead under tank pressure to flush
the system of poor quality fuel. Flight test data indicate that about

10 seconds of fuel lead is needed with a relatively cold system to fill
the inlet duct with tank quality fuel. If the duct were initially nearly
full of residual liquid, this would amount to a maximum of about 30 pounds
of propellant lost per engine inlet duct per restart. Unfortunately, the
quality of residual propellants in the duct prior to restart is unknown

in this application. If the duct is initially warm, some additional
propellant vapor is generated as it passes through the duct, thereby
making the time required for the fuel lead a function of initial duct

temperature or coast time,

Two-phase pumping capability may not significantly decrease the fuel lead
propellant loss because a higher quality inlet condition can be tolerated.
Of course, the pump will produce head once the inlet quality falls below
the limiting value which may occur before the 10 seconds has elapsed,

This only represents a limiting condition so spinning the pump and initi-
ating the start sequence once head rise is detected will decrease required

fuel lead time and propellant losses.

153




In this regard, improved two-phase pumping capability will be beneficial,
for an application with a cold feed system (based on the maximum propel-

lant loss per engine duct of 30 pounds).

Another consideration that arises is that the vapor volume limits established
in Ref. 19 are valid only for upstream relative Mach numbers in the range
from 0.6 to 1.8 (these are representative of high-speed operation), thus
corresponding more closely to the design point than to the low speeds
encountered during the start transient. According to the curves presented
in Ref. 19, choking does not necessarily occur for small area contractions

at lower Mach numbers and, consequently, higher vapor pumping capability
than shown in Fig. 71 can be expected for any system at start, although

the head rise and flow are much less than at design due to the lower speed.

This characteristic is used to advantage in the J-2S engine system. A
solid-propellant turbine spin (SPTS) cartridge is utilized in conjunction
with 'a brief idle-mode operation (approximately 1 second) to flush the
inlet ducts of mixed-phase propellants., Idle mode is used for propellant
settling, and its results are similar to those obtained with the present
S-IVB system with a fuel lead during ullage motor operation, except that
the mixed-phase residual propellants are consumed with relatively high
specific impulse (~280 seconds) rather than being dumped directly over-
board. The SPTS duration is such that all of the residual fuel and most
of the oxidizer in the ducts are replaced prior to burnout. Also, its
starting characteristics are such that pump cavitation is avoided at all
times. These features enable elimination of the recirculation system

for J-2S applications with an estimated weight savings of 1600 pounds for
the Saturn vehicle (Ref. 6 ). Engine operation during start is illus-
trated in Fig. 74 . At altitude, tank head starts with this system are
possible with longer idle-mode durations (20 to 100 seconds) to provide

system conditioning. Typical mission sequences are shown in Fig. 75,

154




jusTsuex] 3xei§ ourdug gz-r 1ed1dAy]  °h/ aand1g

Spuoddsg ‘1 ‘3xe3g ofelsurel Woxd SwI]

0°¢ 0°1 0
L . r u . 0
B 07 o4
“
I
- %]
h Ll N d VAN NG A e SRR AN S ke : : RIENRIENES -
p : R O.V 4
i S1USWSXT 5 @
: &
pt e
: o
R S P
UOTIBTIBA 3591-01-350] pUE T 09 A
T (1]
- =
o
fu—Y
[o—y
08
=
e 00T
S I O S 4 ......... " !hﬁ@;.ﬂ“..,.hWO&U.:W}HH..MUI\;)#,i(< .‘+
suadp SATEBA ISZTPTIX(Q UTEBW S$8XT4
(uot3TS0od puodI3g) : 4 s2d (puodss
suedQ SATBA IDZIPIXQ UTENW mﬁmmo.\\\b S 9POW
4 oaTeA FFodel “T=o1pI
SOSOT) OATEBA 3IB31S

ssed{g xequey) 3snayy a8eysutep

155



SOTTJOXJ UOTSST){ SNOTIBA UO paseq sjuswaimbey jaeisey pue jaeis gz-p °S/ eindty

XVIW 23S 000T SYH 0T OL DES 0S| XVW DdS 000T XVW DAS 00§ DES I
W/ LSv0o W1 W1
s/4 s/4
S/W
SYNOH 0T Ol D9S 00%
W _D3S 0001 XV D8S 00S  KVW DIS 00T XVW D8S 0007 XVI DES 00§ 0dS T
W71 W1 LSVOD W1 W T
S/4 S/4
S/W S/H
S¥NOH 0T Ol DdS 00§
[}
XYW
XYW _DdS 00S D3S 00T XYW DS 00S _ DS T
B |
/1 W
LSV0D
s/9 S/4

S/W

S/K

IITI 3SVD

I1 3SVvD

I 3SyD

156



More advanced L02/LH2 systems are expected to be configured on the basis

of J-2 and J-2S experience, With the relatively low tank pressurcs and
advanced cycles currently envisioned for these applications, studics indi-
cate that some form of auxiliary turbine power similar to that used in

the J-2 system may be used to enable a rapid and efficient start. Current
designs feature an idle-stage combustor operating initially under tank head
pressure in conjunction with a low-resistance feed system downstream of the
pump, as shown in Fig. 76, If this is the case, further improvements in

two-phase pumping capability for low inlet Mach numbers may be desired.

Warm Feed System. Attempting engine start and/or restart with initially

warm hardware places stringent requirements on the system, and has
received considerable attention during development of the J-2, J-2X, and
J-25 engines, A good analysis of available data generated during sea
level tests of these engines 1is presented in Ref., 7. The analysis indi-
cated that chilldown time and propellant usage are a strong function of
flowrate, This is illustrated by the chilldown data for the Mark 15 LH2
pump shown in Fig. 77. It is readily seen that the higher flowrates
achievable with tankhead blowdown through the injector at high altitude

result in much shorter pump chilldown periods.

Additional test results have been obtained with the J-2S engine, which uses
its idle mode capability to provide system preconditioning prior to mainstage.
Sea level idle mode chilldown data for a case where the entire J-2S engine

is initially at ambient temperature is presented in Ref, 7 and is reproduced
in Fig, 78. Simulated flight testing has also been conducted in an altitude
chamber at Arnold Engine Development Center and these results are included

in Fig. 78, For the sea level tests good quality fuel is seen to exist

at the pump outlet (Fig. 81b) once the fuel temperature (Fig. 78A) drops

below the saturation level.

Inlet Line Chilldown. Analytical inlet quality data that corresponds

to the flight data in Fig. 77 indicate that once the inlet duct is flushed,
pump inlet quality drops very rapidly for the fuel lead flowrate utilized
with the S-IVB system, regardless of the initial line temperature. These
results are shown in Fig. 79. Total propellant losses corresponding to

these conditions are shown in Fig. 80a as a function of the limiting vapor
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volume fraction above which pump operation cannot begin. Approximate per-
centage payload increments corresponding to these flow losses in Fig. 80a
were estimated by means of the technique outlined in Appendix C and are

presented in Fig. 80b., From this, it can be seen that for the particular
mission of the S-IVB, increasing the inlet vapor pumping capability up to

50-percent volume fraction at engine start produces a 136-pound (0.15 per-

cent) gain in payload for an initial duct temperature of 400 F. On advanced

vehicles requiring multiple starts, payload gains will be more significant

since 52 pounds of fuel would be saved for each start made.

Similar results were obtained using the J-2S engine chilldown data. 1In
this case, inlet quality was measured directly (Fig.78B ) for the sea
level test, and estimated from this and the temperature data in Fig. 78A
for the altitude test as shown in Fig, 87 . Total accumulated chilldown
hydrogen flow is shown as a function of the limiting vapor volume fraction
in Fig. 82A, and corresponding payload losses in Fig. 82B . While not par-
ticularly representative of a realistic situation, the sea level data are
included in Fig. 82 to show that even though it takes longer to obtain
pure liquid at the pump inlet at sea level (Fig.87 ), the assumed flowrate
trend in Fig. 78 is such that the composite result is a smaller payload

loss for most representative vapor pumping limits.

Pump Chilldown. The preceding discussion applies primarily to cases

where heat transfer to the flow within the pump is negligible. However,
some additional flow may be vaporized if it is heated as it passes through
the pump. A vapor pumping limit also exists in this case, but the mecha-
nism may be different than before where choking in the inlet inducer
blades was found to cause a severe drop in discharge pressure and result
in a flow-limiting situation., If heat is transferred within the pump pas-
sages choking may occur anywhere within the pump depending on rotational
speed, pump geometry, and heating rates. Not too much is known about the
details of this process as yet, but it is an area deserving of attention
in further studies. Pump design and insulation can be expected to influe-
ence flow properties significantly with a resultant influence on start
characteristics. The magnitude of these effects will, of course, depend

strongly on the system in question,
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The manner in which heat transfer affects pump performance if flow is not
vaporized within the pump is approximated by the data presented in Fig. 70.
To determine the effect of this change in performance on a typical engine
start, these data were superimposed on the Y - ¢ curves in the start model
and used in conjunction with assumed heating rates in a range representa-
tive of the S-IVB chilldown flows and initial temperature distribution.
Since heating rates are also a function of flowrate, an iteration is
required for precise results, but correct trends are reflected by simply
using the chilldown data directly in conjunction with the performance data
in Fig.70., Results obtained using this procedure are presented in Fig.83 .
As indicated, engine start time (Fig. 83B) is relatively unaffected. How-
ever, the increased resistance early in the transient causes a brief mix-
ture ratio overshoot and an excursion into the unstable region for the pump.
Because of their short duration and a normal time lag, these characteristics
may not necessarily hinder engine operation, but since they are representa-
tive of the effects of pump heat input, methods of eliminating them were
studied. Primary emphasis was placed on incorporation of a multiposition
oxidizer valve, which earlier studies have shown to be the most effective

means of mixture ratio control during start.

It was found that this control alone was sufficient to reduce these unde-
sirable effects to a minimum as shown in Fig. 84C and 84D, The control
valve positions corresponding to these transients are indicated in Fig. g4a .
It can be seen in Fig. 84B that these added control requirements do, how-
ever, result in a small increase in start time. It was also found that,
once an acceptable control sequence was established, the aforementioned
undesirable effects of pump heat input are effectively eliminated by this
sequence for the cases of prolonged heating periods examined in this study

(Fig. 85).

Coating Effects. TInsulation coatings on the surface of pump passages

can also improve performance with heat transfer. A desirable coating

would be one which resulted in a rapid surface chill and low heat flux to
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the propellant at the low flows corresponding to the beginning of the
start sequence to provide minimum resistance during this critical period.
Start transients generated as before showing the effects of this heating
characteristic are presented in Fig.86¢ . Start controls employed with the
coated pump (case A in Fig. 86 ) are identical to those used for the ref-
erence case. The transient with high initial heat input and two-position
oxidizer valve control is also shown for purposes of comparison. It must
be mentioned that the differences in heating rates for the two cases in
Fig. gepa are fictitious and may not be attainable in an actual system.
The rate for case A is intended to serve only as an example to illustrate
potential benefits of the coating if this heating characteristic can be
achieved. Examination of Fig. 86B, C, and D indicates that for the
assumed conditions these benefits may be significant in terms of reduced
start time (due to the reduced control requirement) and improved pump
stability and mixture ratio transients (due to the reduced initial heat

input).

It should be noted in this regard that, since initial heat input to the
flow from the walls of the thrust chamber is neglected in the start model,
the effects of pump heat input and subsequent improvements provided by
coatings may appear pronounced. This may or may not be the case, depend-
ing on the system. Data presented in Ref, 6 (reproduced in Fig. 87) indi-
cate that pump heating effects strongly predominate over the influence of
thrust chamber heat input for small systems. Later studies proved that
pump coatings provided substantial start improvements for these systems,
which supports the trends noted in Fig. 86 and 88. On the other hand, the
J-2 system experiences much higher initial heat input to the flow from the
thrust chamber than from the pump. In this case pump heating effects are
less pronounced and improvements provided by pump coatings will be less.
Of course, additional control requirements due to the pump heating effect
will also be reduced, and the net effect will be a start transient very

similar to the case without heat input.
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Analysis of Saturn S-IVB Stage Fuel Lead Chilldown

A start sequence with fuel lead thermal conditioning of the J-2 engine sys-
tem in the Saturn S-IVB stage was analyzed to provide a backup start sequence
in the event the normal pump recirculation preconditioning system (Fig 89)
became inoperative. An analysis of fuel lead conditioning of the J-2 engine
was conducted to determine the optimum fuel lead time to provide adequate
chilling of the hydrogen turbopump, inlet duct, and thrust chamber cooling

jacket without overchilling the injector.

Normally, the recirculation system pumps 120 gpm into the inlet duct below
the fuel prevalve, through the pump and back to the fuel tank. Flow con-
tinues for approximately 8 minutes to chill the inlet duct and pump to
ensure acceptable quality Hydrogen at the pump inlet during the start
transient. If the recirculation system malfunctions, the fuel lead chill-
down flow must flow through the pump, thrust chamber cooling jacket, and
injector. If the chilldown is too long, the injector is chilled beyond
normal start experience. If the chilldown is insufficient, the pump may
choke with a subsequent shutdown of the engine signalled by an inadequate
thrust buildup. A restart cannot be accomplished after an aborted start
because of the inability to refill the spin bottles, which is normally

accomplished during mainstage operation.

Thrust Chamber Chilldown. The fuel injection temperature is an indicator

of the tube bundle and injector chilldown during fuel lead. Normal flight

experience shows that LH, temperatures have been maintained at the main

injector for no longer tian approximately 3 seconds. Engine development
expefience’has shown the main chamber combustion process may be unsatis-
factory with an extended LH2 flow condition (longer than 3 seconds) at

the injector. Figure 90 shows the injection temperature for the third

burn experiment of the S-IVB stage during flight AS-504. The fuel tank

was not pressurized'prior to chilldown and the pump inlet pressure increased
from 22.5 to 28.5 ﬁsia during the time period shown. The pump inlet pres-

sure during the entire 52-second chilldown is shown in Fig. g91. The fuel
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AUXILIARY LH2 TANK

PRESSURIZATION
EQUIPMENT (He BOTTLES,
HEAT EXCHANGER, ETC.)
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Figure 89A. Schematic of Saturn S-IVB Stage Engine Preconditioning
and Tank Pressurization Systems
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injection temperature curve (Fig. 90) was corrected to a constant pump
inlet pressure of 30 psia (normal flight condition) using the J-2 engine

system start model. Allowing 3 seconds at LH, temperature dictates a max-

2
imum fuel lead of 16.5 seconds for a 30-psia pump inlet pressure and an

initial thrust chamber temperature of approximately 44 R.

Pump Chilldown. Previous studies of the soakback and chilldown character-

istics of the Mark 15 fuel pump (Fig. 130 of Ref. 6) were used to determine
the soakback temperature in the pump and turbine as a function of the
vehicle coast time. The transient chilldown analysis presented in Ref. 6
was not applicable, however, since it was determined for a different start
transient. Chilldown analyses were conducted using the TAP II program
geometry (Fig. 129 of Ref. 6). The program output was modified slightly

to include the rotor blades and the region around the outlet manifold.
Essentially no heat flows from the stator to the hydrogen. The main heat

sources are the rotor and the rotor blades.

Several chilldown transients were analyzed. These included (1) a variable
tank pressure bleed (Fig. 91) typical of the third burn experiment on
AS-504, and (2) a constant tank pressure bleed (P = 30 psia).and a spin
bottle start after a fuel lead chilldown typical of the backup start sequ-
ence for the S-IVB. The chilldown analysis was conducted assuming prior

3- and 4-hour coast periods, as well as an ambient pump.

Predicted pump heat rejection rates for the AS-504 chilldown flowrate are
shown in Fig.92 . The chilldown flowrate shown is the result of a simu-
lation on the J-2 start model of the third burn fuel lead during flight
AS-504. The flowrate monitored during the initial chilldown transient
was inaccurate because of overspinning of the flowmeter caused by the
hydrogen vapor. As shown, the predicted heat rejection rates are about
twice as large for a 3-hour coast as for a l-hour coast. Similar results
for a constant 30-psia tank pressure bleed are shown in Fig. 93 . These
results are more typical of the expected AS-505 flight profile. Pump
heat rejection rates for AS«505 for a given coast time are higher due

to the higher fuel flowrates obtained at the higher tank pressure.
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The third pump chilldown study was conducted for (3) a constant tank pres-
sure of 30 psia and a spin-bottle start after 8 seconds of chilldown. Re-
sults are shown in Fig. 94, This is typical of the backup AS-505 S-IVB
start sequence that will be used in the event of a recirculation system
failure. Depending on the orbit in which the engine is restarted, coast
periods of either 135 or 240 minutes (2.25 or 4.0 hours) are expected.

The heat rejection rate at 8 seconds with the spin bottle start is approx-
imately 2.5 times higher than without the spin start because the fuel flow-
rate is much higher (45 1b/sec as compared to 5 1b/sec). Although the
heat input is higher for a spin start, the enthalpy rise and consequently
the quality of the propellant through the pump decreases considerably.

The higher heat input results in a more rapid chilldown with the spin start.

Effects of Pump Heat Rejection. Throughout the chilldown transient follow-

ing a 3-hour coast, the heat rejection rate for the pump is less than 2
percent of the rate for the thrust chamber and, therefore, has no effect

on the chamber chilldown. Following a 3- to 4-hour coast, an engine start
using the J-2 system model was conducted with a spin bottle start after

8 seconds of fuel lead (Fig.94 ). The resulting fuel flowrate, fuel pump
head and flow, and fuel injection temperature transients are shown in Fig. 95,
96 , and 97, respectively. A comparison of these three figures with those
for a cold pump engine start indicated the fuel pump heat addition rate shown

in Fig. 94 has no effect on the engine start transient.

Hydrogen Quality With Cold Inlet Duct. Hydrogen quality within the pump

is a function of the heat rejection from the pump and the quality of the
hydrogen at the pump inlet. The latter is determined by the degree of
subcooling in the fuel tank and by the heat rejection from the inlet duct.

The inlet duct geometry is shown in Fig. 98.

For the first case examined, the wall temperature of the inlet duct was
assumed to be equal to the hydrogen-saturation temperature. This implies
that, as soon as tank hydrogen reaches the pump inlet, the inlet quality
will be zero. This closely simulates the condition just prior to the

third burn on AS-504, when it took approximately 2.5 seconds to obtain
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Figure 95. Fuel Flowrate Transient from J-2 System Start Model
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j < Prevalve

Hydrogen Duct (Vacuum Jacketed)
9.9" I.D. Upstream
64.8" 7.9'" I1I.D. Downstream

22.9"

Figure 98. Saturn S-IVB Stage Propellant Feed System
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saturation temperature at the pump inlet as shown in Fig. 99. The fact
that the inlet duct is at saturation temperature does not imply that

LH2 will immediately enter the pump because the hydrogen quality at the
pump inlet can be anywhere between 0 and 100 percent until the tank hydro-

gen enters the pump.

The time required for fuel to pass through the inlet duct can be determined
from Fig.100. These predictions afe based on a line capacity of 31 pounds
of LH2 and the flowrate schedules for the corresponding start sequence.

The time for a particle of fluid to pass through the duct at any given

time is then determined by how long it takes to put 31 pounds into the
duct. The analysis assumes a negligible gravity field, which is the case

4 g). For the ramped tank pressure case

for a typical restart (10_3 to 10
(Fig. 91), about 13 seconds are required for the tank hydrogen to reach
the pump inlet, as compared to 10 seconds for the constant tank pressure
case (30 psia). The constant tank pressure case with a spin bottle start
at 8 seconds delivers tank hydrogen to the pump inlet in 8.35 seconds.
Figure 101 shows the predicted hydrogen quality at the pump outlet for the
ramped and constant tank pressure cases (without spin bottle start). The
hydrogen quality at the pump inlet is unknown for the first 13 seconds
(ramped tank pressure) or 10 seconds (constant tank pressure). After this
period, the inlet duct is assumed to be at saturation temperature and,
consequently, the hydrogen enters the pump as a liquid (zero quality).

The pump outlet quality is determined by the heat input from the pump

(Fig.92 and 93).

Hydrogen Quality With Warm Inlet Duct, An estimate of the fuel inlet duct

heat rejection into the hydrogen was made assuming various uniform initial
duct wall temperatures (same for both 8- and 10-inch ducts) up to 400 R.
The case shown in Fig.102is for a constant tank pressure of 30 psia with
a spin bottle start at 8 seconds. Heat transfer coefficients for the low
velocity hydrogen within the duct were determined from Ref. 7. Heat re-
jection rates to the hydrogen initially decreases with time as the wall
temperature drops, then increase for a short duration due to the increased
flowrate. There is a time lag between the increase in fuel and the increase
in heat rejection rate to the hydrogen due to the time redquired for the
hydrogen to pass through the inlet duct.
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Using Fig.102, the hydrogen quality at the pump inlet was estimated as a
function of time and initial duct temperature, and is presented in Fig.103.
Although the heat input increases with flowrate, the enthalpy and hence
the quality decrease. A separate analysis (Fig.iO4) indicates that the
Mark 15 LH2 pump can operate with 13 to 25 percent vapor by volume (or
0.58 to 1.25 percent quality vapor by weight). These vapor fraction oper-
ating limits are at the pump design and the stall liquid flow coefficients,
respectively. This indicates that, for a 100 R initial duct temperature,
the pump would have excessive hydrogen quality for 0.7 second after spin
bottle start. This increases to 0.9 second for a 200 R duct and to 2.3
seconds for a 400 R duct. Figures105andl06are the corresponding curves

for inlet duct chilldown without the spin bottle start.

Compared to the engine start sequence, all three duct chilldown times are
excessive because gas generator (GG) ignition occurs in about 0.6 second
after the spin bottle start. If full hydrogen flow is not obtained prior
to this time, the GG and the turbine blades can overheat because of exces-
sive GG mixture ratio. Also, the main oxidizer valve opens to its first
positiion and with inadequate fuel flow, overheating of the combustor and
nozzle can occur. As a third restraint (applicable to the 400 R initial
duct temperature with a spin bottle start at 8 seconds), a reduced fuel
flowrate will result in reduced chamber pressure. If the chamber pressure
does not reach 500 psi within 3.5 seconds after the spin bottle start, the

engine automatically shuts down,

Consequently, there are several factors to be considered aside from whether
the fuel pump will choke initially and then recover as the pump inlet quality
drops below the choking limit. It would appear desirable to use a spin
bottle start sequence which would provide fuel qualities below 0.5 to 1.0
percent (by weight) prior to the GG ignition. Because of the time required
to prime the inlet duct with tank LHZ’ this is difficult to achieve with

an 8-second spin bottle start unless most of the inlet duct is already at

the hydrogen saturation temperature.
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By delaying the spin bottle start to 10 seconds, the inlet duct will be
primed with tank hydrogen and the fuel quality should be low enough within
0.6 second (GG ignition) for initial duct wall temperatures below 100 R,
as shown in Fig.1¢7. For warmer ducts, a longer chilldown is required.
Without benefit of a spin bottle start, about 17.5 seconds of fuel lead
would be necessary to achieve the required fuel inlet with an initial duct

temperature of 400 R.

As high as 4 degrees subcooling of the tank hydrogen has been observed
just prior to chilldown as a result of tank pressurization. This subcool-
ing has a large effect on the hydrogen quality at the pump inlet during
fuel lead chilldown, especially for high initial duct wall temperatures.
The time required to reduce the vapor at the pump inlet to 25 percent by

volume is shown in Fig.109 as a function of subcooling.

Summary of Flight Data. The above analysis assumes that the inlet duct

is initially at a uniform temperature over its full length. There is some
possibility that the fuel geysers through a portion of the inlet duct when
the prevalve is open, thereby maintaining LH2 temperatures at that portion
continuously. For this case, the predicted heat input into the fuel would
be less than that previously predicted for the cases in which the full

length was assumed to be at a uniform temperature.

An analysis of the chilldown for the AS-504 (S-IVB) third burn indicates
that fuel saturation temperature was obtained at the pump inlet in 2 to
2.5 seconds (Fig. 99). For a flowrate of 120 gpm (about 1.1 1b/sec LHZ),
the fluid travels about 2 feet in 2.5 seconds. Consequently, it may be
concluded that, for this case, the remainder of the fuel duct must be at
the hydrogen saturation temperature (approximately 42 R). This conclusion
may be somewhat optimistic, however, since this chilldown followed a 60-
second burn and an 1.33-hour coast compared to the more usual mission

profile of a 120-second burn and a 2.5- to 4-hour coast period.
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Figure 109shows recirculation system chilldown for the AS-503 (2.5-hour
coast) and AS-504 (4.5-hour coast) and indicates chilldown times of approx-
imately 30 and 40 seconds, respectively, before the pump inlet temperature
attained saturation temperature. It should be noted that the fuel system
chilldown using the recirculation pump is slower than the chilldown using

a 30-psia tank head blowdown because the flowrate is lower.
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NOMENCLATURE

area

flow passage area normal to flow direction

constant

blockage fraction due to blade thickness and boundary layer
axial velocity at inducer inlet

specific heat

characteristic velocity

tip diameter at inducer inlet

gas flow factor

gravitational constant

mass velocity

gravitational constant

gravity field of heat transfer system being studied

earth gravity field (also used in some equations to designate

the conversion between lbm and 1bf)

pump head

heat of vaporization

inducer blade-to-blade spacing normal to flow direction

heat transfer coefficient

inertia

specific impulse

angle between blade and flow direction at inducer leading edge
thermal conductivity

characteristic length

length




M = Mach number

MR = mixture ratio

N = rotational speed

NPSH = net positive suction head

P = pressure

Q = volume flowrate

Q = heat transfer rate

Q = heat input, Btu/lb

Q/A = heat flux

R = resistance, or mass fraction
T, = distance from the‘surface to the center of the metal being chilled
T = temperature

TSH . = thermodynamic suppression head
t = inducer blade thickness

t = time

t = thickness

tC = chémber time constant

U = inducer blade tangential velocity
\Y =  volume

\Y = velocity

W =‘ weight

w = weight flowrate

X = length

X = vapor fraction by weight

o = vapor fraction by volume

o = pressure ratio, Pd/Pu
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B = inducer inlet blade angle relative to tangential direction

B = thermal factor for TSH

Y = ratio of specific heats

8 = wedge angle for supersonic flow

n = efficiency

0 = angular acceleration

A = hub-to-tip diameter ratio at inducer inlet
A = latent heat of vaporization

¥ = mixture ratio

U = absolute fluid viscosity

) = density

c = oblique shock wave angle

o = surface tension

T = nondimensional NPSH (2g NPSH/Uz)

T = torque, time period

¢ = flow coefficient at inducer inlet (Cm/U)
1 = pump head coefficient

Subscripts

1 = location 1

1 = 1inducer inlet

1 = upstream of shcok wave

2 = location 2

2 = point of maximum blockage within inducer
2 = downstream of shock wave

a = ambient
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bo = burnout weight

b =  bulk

C = coating, convective, cross section to the flow
c = chamber, critical
cold = <cold pump surfaces

D - design, pump discharge
des = design

d = downstream

£ - = fuel

hot = warm pump surfaces

i = inverse

inj = injector

J-2 . = J-2 engine value

L = line

L = liquid

max = maximum value

min = minimum value

m = metal

n = normal to shock wave
n = nominal

0 = gross weight

00X = oxidizer

P = pump, propellant

PL = payload weight

S - heat transfer surface
sat = saturated condition
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inducer blade tip

TB = tube bundle

t = turbine

t = parallel with shock wave
u = upstream

v = vapor phase

vE = vapor film

Superscripts

flow condition when choked

average
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APPENDIX A

LITERATURE SURVEY

This appendix describes pertinent literature on (1) conventionally applied

and (2) plasma-sprayed materials and coating techniques.

CONVENTIONALLY APPLIED POLYMERIC MATERIALS

The evaluation of various classes of polymeric materials according to their
generic classification is as follows: urethane, polymide resin systems,
and fluorocarbon. A summary of the pertinent literature survey reports

and discussions are presented below.

Literature Survey Reports

Urethane Elastomers. "Structural Properties of Glass-Fiber Filament-Wound

Cryogenic Pressure Vessels,'" Toth, J. M., Jr., and J. R. Barber.

Douglas Aircraft Company, Santa Monica, California, and NASA-Lewis Research
Center, Cleveland, Ohio. Paper presented at Cryogenic Engineering Confer-

ence, August 18-21, 1964 at Philadelphia, Pennsylvania.

Mechanical properties of a standard polyurethane material in relation to
its application in cryogenic service were included in this paper. Material
tested was Seilon UR29E polyurethane. Thermal contraction and uniaxial
tensile tests were performed including temperatures down to -423 F. Uni-
axial tensile data of the polyurethane material is presented in Fig. A-1.
The tests were performed at -423 F. Thermal contraction data of the poly-
urethane material tested at a temperature range of 77 to -423 F are pre-
sented in Fig. A-2. The contraction rate of the polymeric material is
approximately four times as great as either of the proposed metallic sub-

strate materials (Fig. A-2).
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Based on the large differential in thermal contraction rates between the
urcthane material and the proposed metal substrates, coupled with its low
residual uniaxial elongation at -423 F, the consideration of using this

general classification of polymeric material for cryogenic insulation was

abandoned.

Unfilled polyurethane elastomeric materials, as a general classification,
maintain good ductility characteristics at low temperatures as compared
with other organic materials. It was hypothesized that this property would
allow the material to absorb the large strains caused by a differential
coefficient of contraction inherent between polymeric materials bonded to
metal substrates. Figure A-1 presents the results of uniaxial tensile
tests performed on a typical polyurethane elastomer, Seilon UR29L., At
liquid hydrogen temperature (-423 F), the ultimate strain of the material
is approximately 2 percent (or 0,02 in./in. strain). Data presented in
Fig. A-2 show that at -423 F, the thermal contraction of the material is
approximately 0.16 in./in., and that of the titanium is 0.002 in./in.
which would allow a net 0.006 in./in. of strain until the utlimate uni-
axial tensile properties are reached. In actual application, the urethane
material would be subjected to biaxial or possibly triaxial strains, which

would further reduce the allowable 0.006 in./in. to a nonusable level,

Polyimide Resin Systems. '"Structural Properties of Glass-Fiber Filament-

Wound Cryogenic Pressure Vessels,'" Toth, J. M., Jr. and J. R. Barber,
Douglas Aircraft Company, Santa Monica, California, and NASA-Lewis Research
Center, Cleveland, Ohio. Paper presented at Cryogenic Engineering Confer-

ence, August 18-21, 1964 at Philadelphia, Pennsylvania.

The mechanical properties of a standard polyimide material in relation to
its application in cryogenic service were presented. Material tested was
Polyimide Film, H-Film (E. I. DuPont). Thermal contraction and uniaxial
tensile tests were performed including temperatures down to -423 F. The
ultimate strain on the polyimide film when tested at -423 F in a uniaxial
direction was approximately 2 percent (or 0.02 in./in.). The thermal con-
traction of the material at liquid hydrogen temperatures is approximately

0.5 percent (or 0.005 in./in.).




The substantial residual uniaxial elongation of unfilled polyimide materi-
als and similarity of thermal contraction rates between this generic clas-
sification of materials warranted a further investigation as to the feasi-

bility of using a polyimide resin system for cryogenic insulation service.

"Final Report, Organic Materials to be Used as a Sealing Face for High
Temperature, Pressure-Actuated Seals,' Rocketdyne, A Division of North

American Rockwell Corporation, Canoga Park, California (unpublished data)}.

Optimum cure cycles for the fusion of applied polyimide dispersions were
developed along with process variations required to uniformly meet visual
and coating thickness requirements. Material tested was RC5069 (polyimide
varnish coating), E. I. DuPont, Wilmington, Delaware. The optimum cure

cycle included a final fusion of the material for 8 hours at 475 F.

Based on the excessive time at a temperature considered detrimental to
the properties of one of the proposed metal substrates (Tens-50 aluminum),
the further consideration of polyimide material for cryogenic insulation

application was no longer pursued.

The decisiqn to evaluate the use of polyimide materials at cryogenic
applications was based on the inherent mechanical and physical properties

of the material. The material, as a general class, has good low-temperature
ultimate uniaxial strain with approximately 25 percent of the allowable
strain being utilized for thermal contraction. Furthermore, the differen-
tial contraction rates between the proposed metal substrate and the poly-
imide materials is of such a magnitude that there would be little concern

as to loss of adhesion of the coating to the metal resulting from uneven
contraction. In general, polyimide materials are tough, resilient materi-
als and would be able to withstand the erosive effects of high-speed

fluid flowing past the coating.
Certain limitations on the processing techniques of the coating were estab-

lished. One consideration was the degradation of properties of Tens-50

cast aluminum alloy when exposed to a total maximum accumulated time of
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1.75 hours at 470 F. The optimum cure cycle for the polyimide varnish

was based on the fact that the combination of solvents used in polyimide
varnishes are high-boiling and require enough dwell time above their boil-
ing point to allow them to diffuse through the partially cured coatings.
Therefore,. 8 hours at 475 F was established as the optimum cure cycle for
the polyimi&e coatings in the 0,003-to 0.005-inch-thickness range. This
time at tempeiature is in excess of the acceptable processing range of
the cast aluminum material proposed for pump components. An even longer

schedule would be for thicker coatings.

Fluorcarbon Systems, '"Final Report, Program of Testing Nonmetallic

Materials at Cryogenic Temperatures" (AF04(611)-6354), Rocketdyne, A

Division of North American Rockwell Corporation, Canoga Park, California.

The mechanical properties of various fluorcarbon materials were evaluated
for application in cryogenic service. The effect of adding low coeffici-
ent of contraction materials on the rate of thermal contraction of the
base resin was determined. Materials tested were: TFE* and FEP Teflon,
Kel-F, filled TFE Teflon, and Kel-F materials. Thermal contraction data
are presented in Fig. A-3 and A-4, Figure A-3 is a comparison of three
types of fluorcarbons; TFE Teflon, FEP Teflon, and Kel-F. Figure A-4
shows the reduction in the contraction rates of a 60-percent filled TFE
as compared to a 12-percent filled Kel-F. Tensile properties were eval-
uated at liquid hydrogen temperatures with the ultimate strain of the
Kel-F and TFE materials being approximately 0.02 in./in. {or 2 percent)

while the FEP is approximately .twice that.

Based on information presented in the above report, it was concluded that
fluorcarbon materials, including both TFE and FEP Teflon and Kel-F materi-
als, are suitable for low-temperature applications., The feasibility of
adding low-contraction fillers to the base resin and substantially reducing

the relative rates of contraction of the filled material was demonstrated.




Linear Thermal Contraction,in./in.

Linear Thermal Contraction,in./in.

0
1
0.004 -
2
0.008 -
3
0,012 -
0.01694 4 1. Titanium - 5al - 2.5.Sn
2. Tens-50 Aluminum
3. Kel-F
. 2 “] °
0.020 5 4, FEP Teflon
5. TFE Teflon
i 1
-423 Temperature, °p 77
Figure A-3., Material Thermal Contraction Comparisons
0 -
0.004 "
1
0.008 1
0.012" 1. Kel-F with Additional
5 12% low-contraction
filler.
0.0161 2. TFE Teflon with 60%
bronze filler.
0.020
{ T
-423 Temperature, °p 77

Figure A-4. Reduction in Thermal Contraction Using Fillers




The good ductility characteristics at low temperaturcs and adequate
residual strain-absorbing capability indicated that further investigation

of fluorcarbon materials for cryogenic usage was warranted,

"Summary Letter Report on RL 10A-3 Fuel Pump Cooldown Study,'" Pratt and
Whitney Aircraft, Division of United Aircraft Corporation, West Palm
Beach, Florida, 13 April 1962 (NAS8-2690).

The objective of this program was to develop an organic coating system
that could be applied to internal surfaces of the liquid hydrogen fuel
pump which would minimize chilldown preconditioning of the pump. Material
tested was Ermalon-310 (TFE phenolic resin). Tests were performed with

LH2 at -423 F, All internal surfaces of the pump were coated. These

included:
1. Inducer
2. First-stage inlet housing
3. First-stage impeller
4. Bearing support plate
5. Crossover tube between first-stage impeller and its exit
6. Second-stage impeller

7. Main gearbox housing

The material was applied to the surface and fused at 700 F, the tempera-
ture recommended by the manufacturer of the coating. During the first

acceleration attempt, the internal insulation flaked off.
The limited success of the TFE-filled phenolic resin coating on the

RL-10A-3 fuel pump and the excessive cure temperature required for TFE

coating eliminated this type of coating from further consideration,
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"Investigation of Potential Low Temperature Insulations," J. Hertz,
General Dynamics/Convair, San Diego, California. Paper presented at Cryo-

genic Engineering Conference, 23-25 August 1965 at Houston, Texas.

The primary objective of this program was the evaluation of the thermal or
mechanical properties of various organic materials with possible applica-
tion as a low-temperature insulator. Materials tested were: Kel-F, poly-
ethylene, epoxy, polystyrene, and various reinforced laminates. Linear
thermal expansion, thermal conductivity, and linear tensile properties

were determined at temperatures of 77 to -423 F. Thermal conductivity
measurements showed that the Kel-F material had the lowest value at -423 F
of all materials tested. Problems arose with certain classes of materials,
specifically the polystyrene and reinforced epoxy, because of thermal shock
caused by the rapid reduction in temperatures. Kel-F resulted in the low-
est k-factor (thermal conductivity) over the temperature range investigated

and is the most promising material for nonstructural applications,

"Physical and Mechanical Properties of KX 624 Insulative Coatings."
Rocketdyne, ‘A Division of North American Rockwell Corporation, Canoga Park,

California,

The object of the report was to summarize various physical and mechanical
properties of KX 635 Kel-F dispersion insulative coatings. Tests were
performed at ambient and -423 F, The properties measured were the coef-
ficient of contraction, thermal conductivity, and cryogenic (-320 F) fatigue
life. Flexural fatigue life tests were conducted on coated Tens-50 aluminum
samples (per ASTM DG71). All samples received 1 x 106 cycles at total
deflections up to 0.20 inch. There was no evidence of coating separation
from the metal after one-million cycles. The thickness of the coatings
ranged from 0.020 to 0.150 inch. Thermal conductivity and linear coef-
ficient of contraction data are presented in Fig. A-4 and A-5, respectively.
The mechanical and, thermal properties of the filled Kel-F materials were
sufficient to warrant continuation of a develbpment program for filled

Kel-F materials for cryogenic service.
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"Evaluation of KX 635 for Turbomachinery Applications,' Rocketdyne, A

Division of North American Rockwell Corporation, Canoga Park, California.

The objectives were to determine if a filled fluorcarbon plastic (KX 635)
might be developed for an insulating internal wearing service for cryo-
genic turbomachinery. Metallic substrate was Tens-50 aluminum casting
alloy. Coating material was KX 635, a glass microballoon-filled Kel-F
dispersion material. Bond strength between coating and substrate at amb-
ient and cryogenic temperatures was determined by static tensil tests

and flexural fatigue tests. Tests were performed at ambient and liquid
nitrogen temperatures (-320 F). Tensile tests indicated that the coating
adhered to the metallic substrate at all temperatures until metal failure
occurred., Flexural fatigue tests at cryogenic temperatures showed that
the coating adhered to the substrate at total deflections up to 0.200 inch
without coating-to-metal separation. Erosion rates of the coating material

caused by fluid flow were not determined.

The various data generated were promising enough that further efforts

could be justified to evaluate this type of internal insulation wearing
surface for cryogenic applications. The efforts at this time were termi-
nated because of the fact that this Kel-F material was determined to be

incompatible with LO, and the proposed use of this material was for LO

2 2

turbopumps.

"Investigation of the Instant Start Capabilities of the RL-10 Engine with
Internally Insulated Fuel Pumps,'" Pratt and Whitney Aircraft, A Division

of United Aircraft Corporation, West Palm Beach, Florida.

The object was to develop a coating system to insulate the internal pass-
ages of the RL-10 liquid hydrogen turbopump, to minimize the heat transfer
into the propellants, and allow quick start of the turbopump. A Kel-F
coating system which included KX 643 primer, KX 635 coating, and KX 633

top coat was investigated., Tests were performed in liquid hydrogen (-423 F).
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Thirty-three actual engine hot firings were conducted utilizing insulated
pumps. After 12 hot firings, small cracks were detected in the insulation
but it was found in suitable condition for further testing. Six further
test firings did not significantly degrade the coating adhesion to the
substrate. Pump pericrmance and eugine acceleration in some cases was

found to be acceptable using a zero chilldown start.

The limited test results demonstrated the feasibility of instant start

with internally insulated pumps. However, continued experimental efforts
would be neded to verify its applicability for engine systems. The fur-

ther development and modifications of the existing insulation material and
application techniques capable of satisfying the engine service life require-

ments with respect to durability and performance was warranted.

Fluorocarbons were the principal class of material considered for use as
a cryogenic insulation. Besides having relatively low heat transfer coef-
ficients and good low-temperature ductility, the techniques involved in
the processing of these materials have been thoroughly investigated and
succeésfully used. Of the fluorocarbon materials proposed, specific appli-
cation requirements and experience gained through earlier programs indi-
cated that the KX 635 glass microballoon modified Kel-F material system

was the most promising of the materials evaluated.

Although the thermal and physical properties of the Teflons (TFE and FEP)
were adequate for proposed applications, the processing times at tempera-
ture necessary to completely fuse the materials were considered in excess
of the acceptable processing range of the cast aluminum material proposed
for pump components. As an alternative to long-duration oven fusing, the
use of a fluidized bed sintering operation* was considered. Although the
fusing time could be reduced, the fusing temperature still remained in

excess of the allowable safe limit,

The use of the KX 635 material for cryogenic insulation application will

be discussed in further detail in the following sections.

*Sintering of 'Fluon' PTFE by Fluid Bed Techniques, Technical Report from
I.C.I. Plastics Division, Welwyn Garden City, Herts.
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Summary of Literature Search for Conventionally

Applied Coatings

Of all material systems investigated in the literature search of conven-
tionally applied organic coatings, the KX 635 material was the most prom-
ising. Although various other materials warranted further investigations,
the decision was made to limit this developmental work to improvement by
modifying the base material by the addition of various quantities of low-

expansion fillers. The reasons for this decision were:

1. Superior mechanical and thermal properties of the Kel-F material

to others mentioned in the literature

2, Past experience utilizing this type of material for similar

application

3. Processing limitations imposed upon the evaluated metallic

substrates
PLASMA COATINGS

Three articles were reviewed pertinent to plasma spraying of organic

materials, They are described below.

"Plasma Spray Allocation of Plastic Materials,'" Kremith, D. and W. Rosen-
bery, Plasmadyne, Inc., Santa Ana, California, Presented at 12th National

SAMPE Symposium,

Plasma spray parameters for applying organic materials to metal substrates
were reported, Materials sprayed successfully include thermosetting epoxies
and polyesters and thermoplastic polyethylene and polyamides. Attempts at
spraying phenolics, polyimides, and silicones were unsuccessful. Coatings
of over 0.008 inch in thickness, in general, had good flexibility, impact
resistance, and dielectric strengths. Polyethylene and a polyamide
exhibited best flexibility while an epoxy had the best impact resistance.

All had dielectric strengths in excess of 5000 rms volts AC (tester limit),
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Plasma-spray parameters were optimized for several organic materials and
acceptable coatings were deposited. The information on spraying parameters
is directly applicable to the thermal improvement study because Materials
and Processes uses the same (Plasmadyne) equipment. Consequently, it was
not necessary to undertake a development project to optimize equipment
settings for several materials of interest. The report also provided val-
uable data on the necessity for prehating the substrate to obtain best
adhesion. None of the data presented are directly applicable to cryogenic

service,

"Flame and Plasma Sprayed Polymeric Protective Coatings," Janowiecke, R. J.
and M, C. Willson, AFML-TR-66-152, Parts I, Il and III.

Plasma-spray parameters for deposition of several organic materials were
developed for the Plasmadyne SG-1 plasma gun. A silicone and polyimide
prepolymer were successfully deposited by the plasma spraying technique,
Crack-free coatings were produced by adding zinc oxide, titanium dioxide,
and other pigments. The data included visual examination for cracks,
pores, coalescence, and adhesion; pencil hardness tests for coatings
deposited by various spray gun settings; substrate preheating temperature;

and pigment/resin ratio.

Organic coatings can be deposited by plasma spraying by using optimum gun
settings and substrate temperature., Coatings are improved by adding pig-
ments. The report provided additional organic materials to choose from
for the thermal improvement study, although the resins are not readily
available in powder form. Moreover, no data at cryogenic temperatures
were presented; however, the pigment/resin ratios given were useful in

formulating mixtures of other materials for further Rocketdyne study.

"High Temperature Resistant Polymeric Coatings--Progress Report No. 6,
October 1968,'" Monsanto Research Corporation, Dayton, Ohio, Contract F33-
615-67~-C1383 with Air Force Materials Laboratory, Wright-Pat AFB, Wright-

Patterson, Ohio.,




Polychlorotrifluoroethylene and fluorinated ethylene propylene copolymer,
both with and without pigment, were successfully deposited by the plasma
spray process. Coatings of Kel-F 6061 (3M Company) and FEP LC-1361 (Polymer
Corporation) were evaluated. Pigments included titanium dioxide R-900
(DuPont Corporation) and zinc oxide SP-500 (New Jersey Zinc Company). Mix-
ing proportions of pigment and resin powders and a special ball-milling
technique to make the mixtures sprayable are described. As-sprayed coating
integrity, adhesion, and hardness were generally good. Spraying parameters
were presented for the Plasmadyne SG-1 plasma gun. Substrate temperatures
on the order of 500 F were necessary to produce a good coating. Deposition
of Kel-F and Teflon coatings by the plasma spray process are feasible and
offer an advantage over some other deposition processes in that subsequent

heat curing is not required.

Mixture ratios and the ball—milliﬁg preparation technique provided useful
information for subsequent use in formulating and preparing.other materials
to obtain good coatings for the thermal improvement study. The applica-
bility of either FEP or Kel-F to the study was considered questionable,
because of the reported high substrate temperature requirement during
coating deposition. A temperature of 500 F is too high for most aluminum
alloys and would be difficult to control even on substrates which would

not be affected by this temperature.
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APPENDIX B
ENGINE START MODEL EQUATIONS
FEED SYSTEM

Liquid Line. Flow through liquid lines are represented by an incom-
pressible dynamic form of Bernoulli's equation:
i L i
AP = RL W™ o+ Rg at (B=1)
The derivative of flowrate is omitted for flow-through valves., For the
present analysis, the flow is assumed to be liquid throughout the oxidizer
feed system, and up to the cooling jacket in the fuel feed system. Line
length and resistance are allowed to vary with time according to the degree
of line priming. Resistance is assumed to be proportional to line length,
which is, in turn, proportional to the amount of flow in the line as illus-

trated below:

Liquid

l.-'—- X ———| Interface

Flowrate in downstream lines is taken to be zero in the model until the
upstream line is fully primed. To date, all analyses have been conducted

with the system primed up to the main valves (Fig. 72).
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Tube Bundle. Compressible flow is assumed in the tube bundle. The
form of the equation used to describe the flow process is the same as
Eq.B-1 except that the line resistance is adjusted to reflect the change
in gas density with operating conditions. The bulk temperature of the
fluid rises as it passes through the jacket due to heat input from the
combustion process and from the metal surfaces of the tubes. The latter
effect has been neglected, which is valid for thrust chamber wall tempera-
tures near that of the incoming hydrogen; also, it is indicated in Fig.87
that the initial temperature of the pump often has a much more significant
effect than that of the thrust chamber. Heat input from the combustion
process is assumed to be proportional to the eight-tenths power of cham-
ber pressure. Thus, to a first approximation, the normalized bulk tem-

perature rise through the jacket is given by:

_ 'ECO.S
AT = =
1)
The normalized temperature at the injector is: (B-2)
T
f
- . P - AT
Tinj e \T o] * AT T, .
p I/n I a

Flowrate through the injector is determined by assuming compressible low
velocity orifice flow. That is:

1 2

=)

where D. . is determined from the perfect gas law and corresponds to T, |
inj inj

and'ﬁgnj. The latter quantity (Einj) is determined from the following

relationship:

inj c P, . c P,

P. . =P 1/2 + p 172 —< s w?T 1 ¢
inj inj nJ
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Likewise, flowrate through the tube bundle is obtained from Eq.B-1 with:

RL = R/pTB

In this case, the flow density is computed from the perfect gas law at a
point in the jacket where the bulk temperature is an average between inlet
and outlet (injector) temperatures. The pressure at this point is approx-
imated by Eq. B-3 which neglects the line inductance for the pressure cal-
culation in order to maintain simplicity while representing correct trends.
The above approach yields qualitative results, but it is felt that the
flow characteristics with heat transfer due to combustion are adequately

represented.

This procedure also assumes that the flow through the tube bundle is
steady {(i.e., the inlet flow is equal to the exit flow). Actually, mass
is accumulated in the tube bundle during the start transient because of

compressibility. Density should be determined by:

1 . L)
P= ; ](Win - Woue) dt (B-4)

Temperature should be governed by Eq.B-2, and pressure obtained from the
perfeét gas law. The pressure drop through the tube bundle should be

used in conjunction with Eq. 39 to determine the flow leaving the down-
stream portion of the tube bundle, This technique, which is described

in more detail in Ref.B-1% was briefly examined during the study. It was
found that introducing the added degree of freedom significantly ircreased
solution time on the computer. Reducing the accuracy of the problem inte-
grations decreased this time, but seriously compromised the stability of
the solution., Thus, in the interest of expediency, this approach was
abandoned once it was established that the trends predicted were similar
to those obtained using the simplified treatment outlined in the preced-

ing paragraph.

*Ref, B-1
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Hot-Gas Section. Flowrate to the turbines depends on the pressure

available at the combustion chamber tapoff ports and the pressure dis-
tribution and geometry through the gas flow path, in addition to the
control valve areas. The compressible flow equation employed in this

analysis is:
W = PAFg/cH (B-5)

where F is a modifying factor to the choked flow function, and c* is the
gas characteristic velocity which can be normalized to give c* = vﬁ¥T—
This equation states that the gas flowrate through a particular area, A,
is a fraction, F, of the flowrate that would exist if the flow were sonic
with upstream pressure, P. If it is assumed that upstream velocity can
be neglected, the factor, F, is unity for downstream-to-upstream pressure

ratio less than the critical value, which is found from:
Y
o =(32) - (2)"
c Pu Y + 1
c

For larger values of a, the gas flow function is given by:
’ v-1 ]1/2

R (TN

In this study it was found convenient to deal with downstream pressure

and define an inverse gas flow function as follows:
PDA

% -6

pressure ratio is then found from:

- Y
) K ) _2/Y>1/2 ]——— o
F. X+ ad - X s o <o <o o
‘ c : c n

o
i
(B-7)

Qf
It
i
e
v
Q
A4
o
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where _ (1+Y>

_w () 3 ! _ 2 _
X—F1<‘§> OLC ,b—~—_——1-—,a—

Flowrates and pressures in the turbines and bypass circuit in Fig. 72 are

<
+
s

<
D
i

obtained by an iterative solution of a set of equations like Eq.B-5, B-4
and B-7, which is made possible by knowing chamber pressure downstream

ambient pressure.

Turbines. The torque delivered by a gas turbine is a function of mass
flowrate, ideal drop in enthalpy through the turbine, efficiency, and
speed. In this study, the relationship between these quantities is deter-
mined by means of parametric torque maps. These maps were curve-fitted

by means of a relation of the form:

T N\ —
-A-B<%-/,-ch (B-8)
in

for constant o < o Values of A, B, and C used for the oxidizer and fuel

turbines are indicated below.

A B C % “n D E

Oxidizer Turbine 2.202 10.512 [0.690 [ 1.402 { 2.639 1 0.999 [0.414
Fuel Turbine 1.674 10.412 | 0,262 | 4.654 | 8,757 | 0.111 0.100
For o > o , the form of the curve fit is:

o) (B~9)

T ‘N

— = |D - E — || (o - a)

P, [ <\/T>] m

in
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The constants D, E, and o are also listed in the above tabulation. Tem-
perature at the fuel turbine inlet is determined on the basis of the J-2X
chamber tapoff test data shown in Fig.B-2. The indicated dependence on

chamber pressure and mixture ratio closely follows the expression below:

T, = (0.23) + (0.19) ?c + (0.58) MR (B-10)

Temperature decrease through the fuel turbine is given by:
AT = N T /Wt

The gas temperature at the oxidizer turbine inlet is determined by:

B T\ . T, |
Ty = (7 Ty - - 1 AT (B-11)
0oX ' [0}
n N .

A similar relation is used to determine the gas temperatufe at the exit

orifice.

The start model does not have the capability for analytical representa-
tion of an auxiliary turbine power source, which is often used to decrease
start time by providing additional high-energy flow to the turbines during
the start transient. The rapid starts achievable by means of this compon-
ent are currently simulated by initially providing larger-than-nominal

tapoff valve areas (of Eq.B-5) and high tank pressures.

Turbopumps. Pump operation is characterized by relationships between
head, flow, speed, efficiency, and power. These are usually expressed
by means of curves of normalized head coefficient versus normalized flow
coefficient, which for the Mark 29 pumps used in the start model can be

fitted as follows:

) 2
Y = -0,51¢ + 0.536¢ + 0.974 (fuel)

-, : , (B-12)
P = -0.408% + 0.244F + 1.164 (oxidizer)
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where

<]
1l
e

and

-5 =

(constant p)

=z 1l
i
Zl =

Pump head loss or instability because of positive slope of the y-¢ curve
is not reflected by the model and therefore is checked manually for each
run, Efficiency for these pumps is given by:

2

8 %2667 F - 1.667 3

=

T]P=

-l
=4

P
which provides an expression for ?b. Since each pump operates on a com-
mon shaft with its turbine, pump and turbine speeds are equal. Accelera-
tion depends on the difference between turbine-produced and pump-required
torque as indicated below:

01 = (Tt - Tp)Tn

This equation can be integrated to give shaft speed as a function of time:

_ 30 Tn\ _ _
n -

The coefficient preceding the integral in Eq. B-13 is the inverse of the
turbopump time constant. It is usually the one of the larges in the
system and, therefore, strongly influences the system low-frequency

response characteristics,

Thrust Chamber. In the chamber, ignition is assumed to occur as soon as

the LO2 dome is primed. The normalized flowrate through the injector is

determined from:

o " N B-14
. (_.__._1 b ) - ) W (B-14)
H n ox \ H 8t
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Mixture ratio is given by:

u = Wox/wf

and is used to determine characteristic velocity by means of the functional
relationship shown for LOZ/H2 in Fig.B-2. A first-order lag is assumed
for chamber pressure such that:

C + 7 - w o

A relatively low value is used for the thrust chamber time constant, tes

in the start model.
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APPENDIX C
PAYLOAD ESTIMATES

FUEL LEAD (DUMP) CHILLDOWN

This case typifies the backup chilldown operation utilized with the cur-
rent S-IVB system after coasting in earth orbit. For a given mission
requirement, AV, and performance during the second burn, the change in
burnout weight for propellant dump prior to the second burn can be

determined by noting that:

AV = Is g 2n R = const
or . .
WBO + WP wBO + WP
1 1 2 2
R = const = W = W
BO1 802

which reduces to

AW AW AW

BO P PL
W S W T W
BO, P, BO,
or
AW "o\ aw
PL 1 P
W AW W
PL, PL, P,




‘For a typical S-IVB mission: W = 148,.3K, W = 113.6K, W, = 163.7K, so:
BO1 PLl > P1 ’

AWPL

PL1

IDLE-MODE CHILLDOWN

%

T

= (0.798 x 107 A,

In this case, payload loss associated with chilldown can be estimated
from the performance loss during idle-mode operation. The technique is
outlined in Ref, B-1*, The propellant required to make up the AV loss at
the end of the flight due to the performance loss is assumed to be equal
to the loss in payload. For small increments of propellant burned, the
propellant weight required for a given AV can be closely approximated by
the following relationship:

AV, = W, I g/Wo

1 P1 S

and at the end of the flight:
Wp = AV2 WBO/IS g

These can be combined to give:

AW = W M\ [N - W éfi. YE. - YE. éii
PL BO i I8 BO\ T, WD R T
For the S-IVB idle mode: AIS/IS = 0.355, R = 2.1, Wp = 113.6K
1
AW
5 PL_ (0.150 x 107%) aw
W p
PL,

In this case, WP includes both oxidizer and fuel so idle-mode mixture ratio

must be known.

*Ref, B-1l. Byron, R. A. and C. P. Morse: Advanced Pressurization System
for Liquid Rockets, Rocketdyne, Presented at the AIAA 4th
Propellant Joint Specialist Conference, Cleveland, Ohio, 10-14
June 1968.
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